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Abstract  

Rolling contact fatigue was investigated numerically for a single asperity and crater passing through 
lubricated rolling contacts with slip. The purposes was to explain why rolling contact fatigue pits 
develop in the forward rolling direction when slip is negative and to further verify the asperity point 
load mechanism for pitting. The simulations included thermal effects from friction and compression of 
the lubricant. It was concluded that heating of the lubricant decreased the viscosity and the contact 
shear stress profile in the second half of the contact, which provided an asymmetric stress profile and 
explained the pitting damage behaviour in relation to slip direction.  
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Highlights 

• The asymmetry of pitting was explained by the point load mechanism 
• The temperature increase trough the contact yielded asymmetric shear tractions 
• Contact heating prevented pit start above the pitch-line, aiding forward initiation 
• Separation of real defect and complementary effect gave asymmetric asperity loads 
• The asperity point load mechanism for rolling contact fatigue was further verified 
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Nomenclature 

Upper case letters are used for the dimensionless counterpart of lower case letters, except for the elastic 
module 𝐸𝐸 in GPa. 

𝑎𝑎  Hertz contact half-width, Eq. (8) 
𝐴𝐴1,𝐴𝐴2  Parameters in density equation, Eq. (9) 
𝑎𝑎sh,𝐴𝐴sh   Asperity shape and dimensionless asperity shape, Eqs (2) and (3) 
𝑐𝑐 Salehizadeh and Saka’s density – temperature exponent, Eq. (10) 
𝐶𝐶z,𝐷𝐷z, 𝐺𝐺0, 𝑆𝑆0  Roelands Pressure – viscosity coefficient, Eqs (12) and (13) 
𝑐𝑐p, 𝑐𝑐p,lub Heat capacity and lubricant heat capacity, Eqs (17) and (15) 
𝐹𝐹𝐹𝐹 Findley index, Eq. (19) 
𝐸𝐸′ Equivalent elastic modulus, Eq.  (5) 
𝐞𝐞𝑥𝑥, 𝐞𝐞𝑦𝑦 Unit vectors in x- and y direction.  
𝑓𝑓 Applied load, Eq. (7) 
𝑓𝑓asp Friction force on asperity/dent 
𝐺𝐺 Dimensionless material parameter, Eq. (23) 
ℎ, ℎmin,𝐻𝐻 Film thickness, minimum film thickness and dimensionless film thickness, Eq. (4) 
ℎ0  Contact offset, Eq. (6) 
𝐹𝐹, 𝑗𝑗 Index of nodes in x- and y-direction, respectively 
𝑘𝑘, 𝑙𝑙 Summation indices of nodes in x- and y-direction, respectively 
𝑁𝑁𝑥𝑥 ,𝑁𝑁𝑦𝑦 ,𝑁𝑁𝑧𝑧,𝑁𝑁𝑡𝑡  Number of nodes and number of time steps, respectively 
𝑝𝑝,𝑃𝑃  Pressure and dimensionless pressure, respectively, Eq. (4) 
𝑝𝑝Hertz Maximum Hertz contact pressure, Eq. (8) 
𝑝𝑝dry  Maximum pressure of dry cylindrical contact with asperity 
𝑟𝑟′ Equivalent radius of curvature, Eq. (1) 
𝑡𝑡,𝑇𝑇 Time and dimensionless time 
𝑈𝑈  Dimensionless speed parameter, Eq. (23) 
W  Dimensionless load parameter, Eq. (23) 
𝐮𝐮c, 𝐮𝐮f Horizontal surface speed of curved and flat surface, respectively 
𝐮𝐮a Average fluid velocity 𝐮𝐮a = 𝑢𝑢m − ℎ2∇𝑝𝑝 12𝜂𝜂⁄ , Eq. (17) 
𝑢𝑢m Mean entrainment velocity 𝑢𝑢m = (𝐮𝐮c + 𝐮𝐮f) ∙ 𝐞𝐞x 2⁄ , Eq. (4) 
𝐮𝐮s Sliding velocity 𝐮𝐮s = 𝐮𝐮c − 𝐮𝐮f, Eqs. (17) and (18) 
𝑥𝑥, 𝑦𝑦,𝑋𝑋,𝑌𝑌  Coordinates and dimensionless coordinates fixed to contact. Origin at contact centre. 
𝑥𝑥a,𝑦𝑦a,𝑋𝑋a,𝑌𝑌a   Moving coordinates and dimensionless coordinates. Origin at asperity centre.  
𝑥𝑥d,𝑋𝑋d Asperity position and dimensionless asperity position. 𝑋𝑋d = 𝑋𝑋0 + 𝑇𝑇(𝐮𝐮c ∙ 𝐞𝐞x um⁄ ) 
𝑋𝑋o,𝑋𝑋e Dimensionless entry and exit coordinates, respectively 
Δ𝑥𝑥,Δ𝑦𝑦,Δ𝑋𝑋,Δ𝑌𝑌  Spatial distance and dimensionless distance between fluid nodes in x and y direction 
Δ𝑧𝑧,Δ𝑍𝑍  Spatial distance and dimensionless distance between metal nodes 
Y0 Model width in transvers direction 
𝑍𝑍R Roelands pressure – viscosity exponent, Eq. (12) 
𝛼𝛼,𝛼𝛼40  Thermal expansion coefficient and reference value at 101 kPa and 40 ºC, Eq. (10) 
𝛽𝛽   Heat capacity variable, Eq. (16) 
𝛿𝛿,𝛥𝛥 Asperity height and dimensionless asperity height, Eq. (2) 
𝛤𝛤,𝛤𝛤40 Temperature and reference temperature in ºC, Eq. (17) 
𝛤𝛤0 Oil and metal inlet temperature.  
𝜂𝜂, 𝜂𝜂0  Viscosity and reference viscosity at 101 kPa, Eqs (11) and (13) 
𝜅𝜅F Normal stress coefficient in Findley criterion, Eq. (19) 
𝜅𝜅lub Thermal conductivity, Eq. (14) 
𝜇𝜇, 𝜇𝜇dry Friction coefficient: global and for dry contact, resepctively 
𝜌𝜌,𝜌𝜌0   Density and reference density at 101 kPa and 40 ºC, Eq. (9) 
𝜎𝜎eF Findley endurance limit, Eq. (19) 
𝜎𝜎𝑛𝑛,max Maximum normal stress in Findley criterion, Eq. (19) 
𝜎𝜎𝑥𝑥 ,𝜎𝜎𝑦𝑦,𝜎𝜎𝑧𝑧  Normal stress components  



 3 (38) 
 

𝜎𝜎1  Major or first principal stress 
𝜏𝜏amp Shear stress amplitude in Findley criterion, Eq. (19) 
𝜏𝜏𝑥𝑥𝑧𝑧 , 𝜏𝜏𝑦𝑦𝑧𝑧 , 𝜏𝜏𝑥𝑥𝑦𝑦    Shear stress components 
𝜔𝜔,𝛺𝛺   Asperity half width, Eqs (2) and (3) 
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1 Introduction 

The cause of surface initiated rolling contact fatigue (RCF), often denoted pitting or spalling, has been 
the subject of many investigations. In 1935, Way showed that contact lubrication was a fundamental 
prerequisite for the damage [1]. Experimental research has subsequently established the damage 
sequence but the explaining mechanism for why and how RCF develops is still discussed.  

The typical pit in Fig. 1a has a sea-shell shape with the tip pointing against the rolling direction. The 
crack initiated at the sea-shell tip and grew in the forward rolling direction and underneath the 
material causing a piece of material to fall off. If the crack initiates at the surface, which was the focus 
of the current work, then the entry angle 𝛽𝛽 is typically shallow. The angle 𝛽𝛽 is the angle between the 
contact and the crack surface, see bottom part of Fig. 1a.  At pure rolling conditions, such as at the pitch 
line of gears, the angle is reported to be 18-23º [2]. For moderate slip in the dedendum of gears b = 
41−50º has been found [2]. Sub-surface initiated RCF pits, on the other hand, differ from the studied 
surface initiated pits by having almost perpendicular surface angles on all sides and irregular overall 
shapes [3]. 
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Fig. 1. a) Top and side view of a surface initiated RCF pit, or spall, on a gear pinion with archetypal sea-
shell shape. b) Maximum pressure and velocities for contact points along the gear tooth in Fig. 1a, see 
text for details. The bottom part of the figure presents the virgin surface profile of the pinion along with 
the modelled defects.  

The present study used a truck spur gear contact where pitting had occurred as an application example. 
The geometry and manufacturing process is described by MackAldener and Olsson [4]. Three different 
pinions had been loaded with torques in the range 1680−1850 Nm. The resulting maximum Hertzian 
contact pressure pHertz along the tooth during interaction at 1850 Nm is presented in Fig. 1b. The 
relatively constant maximum pressure during the interaction was attained through profile 
modifications and the results in the figure were simulated using the program Helical 3D [5]. The pitch 
line was located at xpl = 0 with dedendum to the left at negative xpl and addendum to the right. The 
mean entrainment speed um and the sliding velocity us are included in Fig. 1b.  

1 mm 
a) b) 
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The bottom part of Fig. 1b displays a representative surface roughness profile before run-in, taken in 
the rolling direction of one investigated pinion tooth. For comparison with the virgin surface 
roughness, the graph contains a profile with the simulated point dent at xpl = -1 mm, and asperity at xpl 
= +1 mm.  The axisymmetric reference dent and asperity profiles were smooth sine shaped with d = 1.5 
µm depth or height and ω = 100 µm diameter. Three positions on the tooth were investigated as is 
indicated with vertical lines in Fig. 1b: at xpl = -1 mm where negative slip prevails and the frictional 
forces on the asperity aid the formation of pits, at xpl = +1 mm and at the pitch line. Since pits may also 
initiate at the pitch line [6] slip is not a necessary requirement for the damage. Therefore, a mechanism 
that explains the damage process must be able to predict fatigue initiation also at pure rolling, i.e. 
without fatigue aiding friction forces [6]. 

The RCF pits were typically found at the pitch line of the pinion or driving tooth. The pitch line can be 
identified in Fig. 1a as a dark horizontal shade at the middle of the pit. Fig. 2a shows the extension of 29  
fully developed pits such as in Fig. 1a found in the teeth of the investigated pinions and with length 
larger than one mm. The pits were centred on the pitch line with some extension towards the teeth tips. 
Initiation of developed pits was always below the pitch line where moderate negative slip prevailed. Fig. 
2b illustrates the number of initiation point of these pits at each 0.2 mm of the xpl coordinate. The 
locations of the pits agree with the literature [7].  

  

Fig. 2. Number of pits or spalls in the investigated pinion teeth [8]: a) Extension of 29 large sea-shell 
pits. b) Initiation point of the large pits. 

Gear contacts where RCF is an issue are highly loaded and lubricated, which classify them as hard 
elastohydrodynamic lubricated (EHL) contacts. In hard EHL contacts the pressure is high enough for 
the elastic deformation of the surfaces to influence the shape of the lubrication flow and film thickness. 
The first numerical solutions for this kind of contacts were obtained by Petrusevich in 1951 [9], and 
Dowson and Higginson in 1959 [10]. The pressure is also sufficiently high to change the lubricant 
viscosity with several orders of magnitude. Furthermore, if slip is present in a hard EHL contact, then 
the high viscosity and the thin lubrication film will cause local heating in the contact. The temperature 
increase originates from frictional losses when the lubricant is sheared. The numerical set-up of 
thermal elastohydrodynamic lubrication (TEHL) was first solved in 1965 by Cheng and Sternlicht [11], 
and Dowson and Whitaker [12]. 

The temperature increase in the TEHL contact affects the lubricant properties by reducing both the 
viscosity and the density. Hartinger et al. [13] found that the heating may decrease friction with up to 
70 %. The temperature can also affect the shape of the lubrication film. Liang et al. [14] presented both 
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numerical and experimental results showing that the inlet temperature guides the height of the 
lubrication film in the inlet while the lubrication temperature in the contact primarily affects the outlet 
zone. With increased contact temperature from higher slip, a lower film thickness was obtained in the 
outlet zone while the inlet height remained unchanged [14]. Carli et al. [15] found that the temperature 
effect may cause a relatively less even film shape than isothermal contacts. Thinner lubrication films or 
lower slip have been found to decrease the temperature effects on the lubrication shape [16].  

Navier-Stokes equations are used in the literature to resolve the thermal effects in the film height 
direction for rolling cylindrical contacts. The results by Bruyere at al. [17], and Ahlmquist and Larsson 
[18] show that although the maximum temperature is found in the middle of the lubrication film the 
temperature variation is quite small in the film height direction. Zhang et al. [19] modelled a rolling 
sphere with TEHL including a tangential oscillation. Wang et al. [20] studied experiments and 
simulations where small dimples passed through rolling and slipping spherical contacts. Rough 
surfaces were included by Wang et al. [21] for rolling spherical contacts. The conclusion remains for 
point type contacts: the temperature variation is small in the film height direction for contacts where 
no shear bands form, i.e. contacts with low to moderate slip. Thus, the Reynolds formulation was here 
used for an approximate solution of the TEHL contact with one computation node in the thickness 
direction for the average film temperature. 

Estimates of stresses and fatigue in the literature are sometimes limited to isothermal conditions with 
Newtonian viscosity in Reynolds equation. Nelias and Ville [22] studied two dimensional (2D) rough 
surfaces at isothermal conditions and Newtonian lubricant. Newtonian isothermal simulations may 
however lead to unreasonably large shear stresses for high slip and increasing entrainment velocity. Li 
and Kahraman [23] included shear thinning in an isothermal analysis and estimated the shear forces 
on the metal when predicting the component life based on the surface roughness. Qiao et al. [24] used 
non-Newtonian viscosity to investigate a rough 2D-contact at isothermal EHL conditions. They showed 
that some different fatigue criteria yielded similar results for the rough 2D contact. Experiments on 
rolling contacts with dents by for instance Lubrecht et al. [25] and Nelias and Ville [22] show how the 
dents and potential pile-up at the dent rim can be quite detrimental. Xu et al. [26] used THEL to 
determine the von Mises effective stress at dents in spherical contacts and found that the maximum 
von Mises stress at the dents approached the surface. Epstein et al. [27], Jiang et al. [28], Deolaliker et 
al. [29] and Zhu et al.  [30] studied the contact pressure and temperature increase due to asperities 
passing through the TEHL contacts. From both numerical and experimental perspective the 
investigations in the literature show that RCF are related to surface defects.   

Three different phenomena are described in the literature for the reduced film thickness and the 
limited friction that develop at moderate slip [31]. The reduced film phenomena include non-
Newtonian shear thinning; starvation from insufficient oil supply in the inlet; thermal effects with 
decreased viscosity. Peiran and Shizhu [32] found the non-Newtonian shear thinning effects much less 
important than thermal ones. Hili et al. [31] performed a series of experiments with combined rolling 
and sliding spheres on discs. For moderate and high entrainment velocities um = 5 – 20 m/s, moderate 
to high slide to roll ratio (SRR) > 0 – 190 % and typical gear temperatures 40 – 100 °C, they measured 
and compared the reduced film thickness h with the isothermal and Newtonian prediction and found a 
substantially reduced h. Image capturing with interferometry technique through the glass disc ruled 
out shear thinning and starvation as possible explanations. Liang et al. [14] confirmed the experimental 
results of Hili et al. [31]. They also combined the experiments with TEHL simulations with good 
agreement and they could also rule out starvation and shear thinning as explanations in the 
investigated load range. Kim et al. [33] and Kaneta et al. [34] also confirmed the temperature cause for 
reduced h through TEHL simulations of spherical contacts. In the present gear contact um = 8.5 m/s, 
SRR < 20 %, Γ = 90 °C and pHertz = 1.93 GPa, which falls in the moderate velocity and slip range. Based 
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on the findings in the literature, it was expected that TEHL simulations should well capture the 
temperature increase in the lubricant and metal surfaces, the viscosity decrease, the reduced film 
thickness and coefficient of friction in the contact. Therefore, a TEHL set-up was chosen for current 
simulations. 

1.1 The asperity point load mechanism 
The asperity point load mechanism for surface initiated RCF starts with recognising that the pit in Fig. 
1a initiated at a single point in the surface, at the lower tip of the sea-shell pit. The crack then grew into 
the material and finally a piece of material was chipped off, forming the pit. Since the crack initiated at 
one point the initiation mechanism for the crack must be of local sort, such as for instance point or 
axisymmetric asperities and dents [6]. 

To form the mechanism, contact mechanics and tribology was combined with fundamental fatigue and 
fracture mechanics. Cyclic loads may degrade and fatigue weak material points, typically with local 
cyclic plasticity, which can develop for both tensile and compressive stresses. However, to initiate and 
open the subsequent crack a tensile stress component is required. The major principle stress has to be 
tensile sometime during the load cycle. The nominal 2D rolling cylinder contact without slip only 
provides compressive surface stresses and cannot alone explain surface initiated pitting. Contact loads 
on point asperities on the other hand will cause tensile surface stresses in the radial direction from the 
asperity even without slip. Therefore, point asperity contacts may initiate cracks and open them for 
continued growth. Experiments performed by Alfredsson and Olsson [35] validated this theory and 
showed that the entry angle 𝛽𝛽 of the pits increases with increased slip or tangential traction [2]. 
Simulations by Dahlberg and Alfredsson [8] and [36] support the point load mechanism by showing 
that the tensile surface stresses arising around a surface asperity when over-rolled by a dry cylinder are 
sufficiently large to initiate RCF cracks for both pure rolling and rolling with moderate slip.  

Hannes and Alfredsson [37], [38], [39] and [40] performed a series of fracture mechanic investigations 
on the fatigue crack growth of pitting cracks. It was assumed that the lubricant would not affect the 
normal pressure markedly but would remove or substantially reduce all frictional forces except on the 
asperity, where metal to metal contact was assumed with a friction coefficient of 0.3. Hannes and 
Alfredsson showed how different input parameters affect the pitting entry angle b = 23 – 30º [37], the 
pitting life [38] and [39], and the pit opening angle αpit [40] in the surface view of the archetypal sea-
shell shaped pit. Everitt and Alfredsson [6] showed in an isothermal EHL study that the asperities in 
the lower graph in Fig. 1b were large enough to initiate pitting in pure rolling and lubricated contacts. 
TEHL simulations by for instance Kaneta et al. [34] suggest that the temperature increase in such 
rolling contacts is small and can therefore be neglected.  

The present work focused on how the asperity point load mechanism for RCF interacted with slip and 
thermal effects. Emphasis was on fatigue initiation at the axisymmetric asperity and dent depicted in 
the lower part of Fig. 1b. Thermal simulations were performed for the friction forces in the contact and 
for the temperature loads on the metal surfaces. The thermal effects from slip were found to be 
sufficiently large to affect the contact shear stress profile, which motivated the current TEHL model. 
Since the external loadings in Fig. 1b were constant through the investigated gear contact length, 
something in the contact had to have caused the asymmetry in RCF initiation locations in Fig. 2b.  To 
be able to find the source of this asymmetry, the lubricant and the temperature field were included in 
the simulations and in particular their effects on surface stresses at the asperity and dent were 
investigated. The goal was to show how the asperities can explain why the pits initiate below the pitch 
line on the pinion, while no initiation points are found above the pitch line on the pinion or on the 
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follower. Therefore, transient TEHL simulations were carried out for the passage of the asperity and 
the dent through the contact at both negative and positive SRRs. 

2 Theoretical background 

The central part of the gear tooth contact, which in the application has an elongated elliptical shape, 
was regarded as a line contact with a rolling cylinder on a flat surface. The equivalent radius of the 
cylinder was r’, given by 

 
p f

p f

'
r r

r
r r

=
+

   (1) 

  
where rp and rf are the longitudinal radii of curvature of the pinion and follower surfaces at the pitch 
line, respectively. The effect of changes in equivalent radii of the contact was not included in this study.   
The asperity was placed on the flat surface and the asperity shape ash was modelled with a cosine cycle  

 
( ) 2 2

d
sh ( , , ) 1 cos 2

2
x x t ya x y t d π

ω ω

  −     = + +          

  (2) 

 
in the region where 

 
2 2

d 1
2

x x y
ω ω
−   + <  

  
  (3) 

 
In Eqs (2) and (3) ω is the asperity width and δ is the asperity height, see Fig. 3a.  

The origin of the EHL coordinate system was positioned at the centre of the cylinder contact and in the 
symmetry plane of the moving asperity. The x-axis was oriented against the rolling direction (RD). The 
y-axis was oriented in the transverse rolling direction (TD) and the z-axis was directed into the 
lubrication from the flat surface. The asperity position was defined by the parameter xd which changed 
for each time step. At the centre of the asperity, a material fixed coordinate system was defined, 
𝑥𝑥a = 𝑥𝑥 − 𝑥𝑥d, 𝑦𝑦a = 𝑦𝑦 and 𝑧𝑧a = 𝑧𝑧. In Fig. 3 the asperity is on the exit side of the contact since xd is defined 
in the same direction as x. Hence, the RD and the contact movement are towards the left in Fig. 3a and 
3b the asperity move to the right in these figures. 
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Fig. 3. a) Contact geometry with an asperity in the outlet region. b) Boundary conditions in the TEHL 
simulation and the pressure distribution from the geometry in a).  

The contact was assumed fully flooded with the lubrication flow modelled with Reynolds’ equation for 
thin films [41]. Typically the height of the lubrication film was less than a micro-meter while the 
contact width was at least two orders of magnitude greater. Therefore, the parameters in Reynolds’ 
equation  

 
( ) ( )

3 3

m 0
12 12

h hp p u
x x y y x

h h
t

ρ ρ
h

ρ
h

ρ
   ∂ ∂ ∂ ∂ ∂ ∂

+ − − =   ∂ ∂ ∂ ∂ ∂ ∂      (4) 
 
were determined as the average in the height direction while the differential equation was solved in 
both the RD and the TD to capture the effects of the asperity. The lubricant cavitate instead of 
sustaining negative pressures. Here cavitation was incorporated by restricting the pressure p ≥ 0.  

RCF appears well after running-in with surface hardening and asperity flattening by wear and plastic 
deformation [36] and [42]. Therefore, the surface deformations were regarded as linear elastic with the 
equivalent elastic modulus E’ given by 

 ( ) ( )
p f

2 2
f p p f

2
'

1- 1-
E E

E
E Eν ν

=
+

 (5) 

 
where 𝐸𝐸p = 𝐸𝐸f  are Young’s moduli and 𝜈𝜈c = 𝜈𝜈f are Poisson’s ratios for the respective surfaces. The film 
height was described by  

 
( )( )

2

0
x

sh
2 ' '

2 ' ' '
( , ) ( , , ) x pdx dyh

r E x x y y
h x y a x y t

π

∞ ∞

−∞−∞

=
−

− + +
−∫ ∫

  (6)  
 
The last term in Eq. (6) represents the elastic deformation of the two bodies and was derived from the 
Boussinesq potential functions [43]. The lubrication offset height h0 was determined through the 
requirement of load balance for the contact 

 
0pdxdy f

∞ ∞

−∞−∞

− =∫ ∫
  (7) 

 

b) a) 
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where 𝑓𝑓 is the normal contact load. The normal contact load gives the Hertzian contact half width 𝑎𝑎 and 
the maximum pressure 𝑝𝑝Hertz [43] for the cylinder contact are 

 

Hertz

8
'

2

xfra
E

fp
a

π

π

=

=

  (8) 

 

2.1 Lubricant description 
The lubrication film model followed the formulation by Larsson et al. [44] of Dowson and Higginson’s 
[45] relation and Roelands equation [46].  The pressure temperature density relationship was 

 
( )1

0 40
2

1 1
1

p
p

A
A

ρ ρ α Γ Γ
 
= + −
 

−  +
  (9) 

 
where 𝜌𝜌0 is the density at the reference temperature 𝛤𝛤40 = 40 ºC. The thermal expansion parameter α 
was modelled following Salehizadeh and Saka [47] 

 40
cpeα α −=   (10) 

 
where 𝑐𝑐 is a constant equal to 1.51/GPa and 𝛼𝛼40 is the thermal expansion coefficient at the reference 
temperature 𝛤𝛤40 = 40 ºC. The pressure-viscosity relationship was described by the Roelands’ equation 
[46] 

 ( ) ( )( ) ( ) ( )R9
0 0exp ln 1 1 5.1 19.67 0

Z
p

Γ
h h Γ h Γ −   = − + + ⋅      

+   (11) 

 
where the temperature exponent 𝑍𝑍R(𝛤𝛤) was defined as 

 
( )R Z Z log 1

135
Z D C ΓΓ  = + + 

    (12) 
 
and the dynamic viscosity 𝜂𝜂0 at atmospheric pressure was obtained from  

 ( )( )
0

0 04.2 1
135

log
S

G Γh Γ
−

 = − + + 
 

  (13) 

 
Values for the coefficients 𝐶𝐶z, 𝐷𝐷z, 𝐺𝐺𝑜𝑜 and 𝑆𝑆𝑜𝑜 are given by Larsson et al. [44] for some common 
lubricants. The thermal conductivity 𝜅𝜅𝛤𝛤 was estimated from [44] as 

 1
lub 0

2

1
1

p
p

Γ
Γ

Γ

κκ κ
κ

 
= + + 

  (14) 

and the heat capacity from [44] as 
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 ( )( ) p1
p,lub 0 p0 40

p2

1 18 1
1

c p
c c p

c p
ρ ρ b Γ Γ

 
= + − + +      + 

  (15) 

where 

 ( ) ( )2
0 1 21p p pb b b b= − +   (16) 

 
for 22 – 107 ºC and 0.1 MPa – 1.1 GPa.  Outside this region the heat capacity was assumed to be 
constant.  

2.2 Material description of the metals 
The gear material followed Swedish standard SS142506 with case carburized surfaces to 750-800 HV 
[35]. The material was modelled as linear thermo-elastic with equal elastic properties, heat capacity, 
thermal conductivity, thermal expansion coefficient and density of the solid bodies.  

2.3 Thermal model 
Based on the energy formulation by Cheng and Sternlicht [11] and a constant temperature through the 
oil thickness, the change of energy density was modelled with 
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The energy source terms, the first three terms on the right hand side of Eq. (17), were excluded in the 
solid domains since these were modelled as elastic without internal heat generation from the pressure. 
Inside the solid domains the temperature gradients were resolved in all spatial directions.   

In the case of metal to metal contact, the generated power due to sliding was added to the surface nodes 
of the metals instead of the lubricant. The power was then equally distributed between the two surfaces 
and no isolating lubricant was present to limit heat conduction, which allowed energy to be conducted 
into the cooler metal surface.  

2.4 Friction forces 
The interfaces between the contact surfaces and the lubricant were modelled with no slip boundary 
conditions giving the fluid at the interface the same velocity as the wall. To obtain force equilibrium at 
the surfaces, the shear traction in the lubricant had to be equal to the shear traction on the surfaces. 
The Poiseuille term in Eq. (4) gave rise to the first term in  
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The second terms of τxz and τyz originated from slip. The cylinder surface was subjected to shear 
stresses of the same magnitude but with the opposite sign for the Poiseuille term in Eq. (18). A similar 
set-up was used by for instance Li and Kahraman [48]. The shear stresses where furthermore limited to 
the value of dry friction μDry.  
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2.5 Fatigue evaluation 
The normal pressure and shear tractions on the contact surfaces gave together with the temperature 
field inside the metal rise to stresses and strains in the metal, which were evaluated using the finite 
element method (FEM) in Comsol [49]. The fatigue risk was evaluated using the Findley fatigue routine 
in Comsol. The Findley criterion was selected based on the analyses by Alfredsson and Olsson [50], and 
Alfredsson and Cadario [51]. Both investigations found better overall performance for the Findley 
criterion than the other evaluated of critical plane criteria for contact situations similar to the presently 
investigated. Characteristic for these load cases are the combination of large compressive mean stresses 
in combination with the tensile in-surface stresses at the critical surface points, here around point 
asperities.  In dimensionless form, the Findley criterion is 

 
( )amp ,max m xF a

eF

nFi
σκτ

σ

+
=   (19) 

It was evaluated in Comsol for a user defined number of planes in each material point, here set to 20 
planes per material point. The shear stress amplitude, 𝜏𝜏amp, on the plane was combined with the 
maximum value of the normal stress, 𝜎𝜎n,max, found sometime during the load cycle on the plane. The 
critical plane was identified by the highest 𝐹𝐹𝐹𝐹. If the 𝐹𝐹𝐹𝐹 index was above unity for a material point, then 
fatigue was predicted at that point. Everitt and Alfredsson [6] determined the material parameters κ = 
0.627 and σeF = 625 MPa for the current case carburized gear steel based on uni-axial data in the 
literature. A uni-axial bending fatigue stress σeb = 692 MPa was also determined.  

3 Numerical implementation 

The numerical model used the finite difference method (FDM) and was based on the code by Huang 
[52]. The implementation of Reynolds equation in Eq. (4) is detailed by Everitt and Alfredsson [6]. In 
particular, metal contact was treated within the EHL iterations by locally increasing the pressure on the 
nodes in contact [6]. The set-up utilised the dimensionless parameters 
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3.1 Numerical procedure 
The simulation started by solving the time independent case of a smooth cylinder rolling against a flat 
surface. In order to rapidly reach convergence of the pressure, temperature and lubrication offset, a 
mesh refinement procedure was used. When 𝑃𝑃, 𝛤𝛤 and 𝐻𝐻0 had approximately converged for the coarse 
mesh, this solution was taken as the start value for the refined mesh. The refined mesh had double 
number of nodes in both the 𝑥𝑥- and 𝑦𝑦-directions. The mesh was refined two times in this way to the 
final mesh with 257 ∙ 97 nodes in the 𝑥𝑥-𝑦𝑦 plane. When the time independent solution had converged for 
the final mesh, the time dependent solution was introduced. To achieve a stable transition from the 
time independent to the time dependent case, the time dependent terms where gradually introduced 
over 10 steps. Thereafter, the asperity was inserted at 𝑋𝑋d = −𝑋𝑋0 and moved through the contact in 𝑁𝑁𝑡𝑡 
number of time steps.  
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An iterative procedure was used to solve the pressure and temperature equations for each time step. 
First the pressure was updated according to Eq. (4). To stabilise the pressure, limits were used for the 
pressure increments. The pressure increment on an individual node was not allowed to be higher than 
0.02 or lower than−0.1. If metal contact was detected, then pressure increments up to 0.2 were 
allowed.  

When a converged solution was reached for P, the temperature gradients were obtained based on Eq. 
(17). In order to obtain a stable temperature field the temperature was updated a few times within each 
global time step. The time step inside the temperature routine was restricted so that no temperature 
increment was higher than a quarter of the temperature difference between the temperature at the 
node and its neighbours. To avoid too small time steps, the time steps were not restricted if the 
temperature increment was less than one degree. Therefore, oscillations, of magnitudes less than one 
degree, were present in some solutions.   

The number of nodes and time steps was a compromise between solution time and accuracy. Holmes et 
al. [53] investigated the influence of spatial and time resolution for the transient problem of a spherical 
contact over-rolling a transverse ridge. The accuracy of the present model was evaluated similarly [6]. 
Based on the analysis, the selected space resolution with 257 ∙ 97 nodes in the 𝑥𝑥-𝑦𝑦 directions together 
with 514 time steps for the over-rolling sequence was judged as a sufficiently good compromise 
between accuracy and simulation time. The transverse symmetry was utilized, which reduced the 
number of node lines in the 𝑦𝑦-directions with numerical solution to 49. The solution for the remaining 
48 lines was obtained by mirroring the values around the symmetry line in the RD, see Fig. 3b. With 
this resolution, the transient simulation of over-rolling the asperity required about 130 CPU hours on 
the available computer cluster. Holmes et al. [53] also considered the performance of different 
discretization techniques and found that the presently used Crank-Nicolson time implementation 
performed the best.  

3.2 Thermal setup 
For the temperature simulation the metal regions were discretised with 40 elements each in the z-
direction while the lubricant was  represented with 1 node. To save computational power, while keeping 
the investigated region large enough to minimize effects of the boundary conditions, the spatial 
distance between the metal nodes was twice the distance between the nodes inside the lubricant,  
Δz=2Δx=2Δy. The solid nodes closes to the surface was positioned Δz/2 into the material.  

The energy transportation from the lubricant into the metal was estimated via the surface temperature 
Γs determined by   

 lub lub met met lub met
s 4 2 4 2h z h z

Γ κ Γ κ κ κΓ
∆ ∆

   
= + +   

   
  (21) 

 
where Γmet represents the temperature of the metal node closest to the surface and Γlub represents the 
temperature of the lubricant. With help of the temperature of the surface nodes the energy, Eu, 
conducted into the material was estimated by 

 lub met s
u lub met4 2

sE x y x y
h z

Γ Γ Γ Γκ ∆ ∆ κ ∆ ∆
∆

− −
= =   (22) 

 
When metal to metal contact occurred, the energy from dry friction was divided equally between the 
contacting surfaces. It was further assumed that the metal contact could conduct heat in the same way 
as in the solid domains. Due to numerical reasons, a thin lubrication film was present also in the metal 
contact. It was given the average temperature of the two metal surfaces. The average temperature of the 
two metal surfaces was also used in the outlet region where cavitation of the lubricant was assumed.  
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3.3 Boundary conditions in TEHL simulation 
The load and boundary conditions were set to represent the typical heavily loaded spur gear contact in 
Fig. 1. The boundary conditions were zero pressure at the inlet, 𝑋𝑋 = −𝑋𝑋0, and the outlet, 𝑋𝑋 = 𝑋𝑋e. On the 
transverse sides of the model, at 𝑌𝑌 = 𝑌𝑌0 and 𝑌𝑌 = 0, the pressure gradient ∂𝑃𝑃 ∂𝑌𝑌⁄ = 0 and thereby the 
lubrication flux was zero, see Fig. 3b.  The model width 𝑌𝑌0 was selected sufficiently large for the 
pressure profile at 𝑌𝑌 = 𝑌𝑌0 to be undisturbed by the asperity.  

The elastic surface displacements in Eq. (6) were evaluated numerically with Loves expressions for 
elastic deflection due to uniformed pressures applied to rectangular regions [54]. The displacement of 
each node (𝐹𝐹, 𝑗𝑗) was summed for all pressured regions in the 𝑥𝑥-direction at −𝑋𝑋0 ≤ 𝑋𝑋 ≤ 𝑋𝑋e and for all 
regions in the distance 𝑋𝑋e + 𝑋𝑋0 in both the positive and the negative 𝑦𝑦-direction from 𝑌𝑌𝑗𝑗, 𝑌𝑌𝑗𝑗 −
(𝑋𝑋e + 𝑋𝑋0) ≤ 𝑌𝑌 ≤ 𝑌𝑌𝑗𝑗 + (𝑋𝑋e + 𝑋𝑋0) in Fig. 3b. 

The temperature of both the metals and the lubricant was set to Γ0 at the inlet. At the outlet, the 
temperature gradient was assumed constant over the two last nodes. On the transverse sides of the 
model the temperature gradient was set to zero. The temperature at the metal nodes the furthest away 
from the lubricant was fixed to Γ0.   

3.4 Boundary conditions for the stress computation 
The stress analysis was performed as a separate post processing step after the TEHL simulation was 
completed using FEM in Comsol [49]. The outer domains where modelled with infinite elements to 
simulate an infinite half plane. Symmetry conditions were applied to the transverse sides of the model. 
The pressure, shear tractions and temperature fields were obtained from the THEL simulations. The 
pressure and tractions were applied to the top side of the model, see Fig. 4a, whereas the temperature 
field was applied throughout the FEM model. The mesh in Fig. 4b consisted of 35 100 quadratic 
serendipity elements. The surface of the asperity was meshed with cubic elements with a surface of size 
5·5 μm.  

 

Symmetry conditions

Infinite elements

Area subjected to
THEL loads

2 mm

2 mm−

0 mm

0.6 mm

0 mm

1.5 mm−

b)

 
Fig. 4. a) Geometry for the stress and fatigue computations. b) Mesh for stress analysis.  

The stress analysis was performed in 27 time steps. The steps were chosen to give a representable stress 
history for the fatigue analysis. The most critical sequences occurred when the asperity entered and 
exited the contact. Therefore, the load steps were selected where Xd =-1.4; Xd = -1.2 to -0.8 with 0.05 
increments; Xd = -0.6 to 0.6 with 0.2 increments; Xd = 0.8 to 1.2 with 0.05 increments; Xd = 1.4. For the 
fatigue analysis the stresses in an unloaded geometry was included for the stresses between over-rolling 
cycles.   

a) b) 
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4 Results 

Table 1 presents values for the contact conditions of the application example, material data for the solid 
substrates and the numerical parameters for the simulations. The investigation included the effects of 
three different SRR for both asperities and dents. The ±12 % SRR represented the conditions at ±1 mm 
from the pitch line in Fig. 1b. The position was selected while most of the large pits had initiated at −1 
mm in the application, see Fig. 2. The asperity data in Table 1 was based on the surface roughness 
profile in the bottom part of Fig. 1b and agreed with that used by Dahlberg and Alfredsson [8].  

The lubricant parameters in Table 2 were from Larsson et al. [44]. The lubricant PAO B was used since 
its properties agreed with those in the gear application example. The dimensionless parameters  
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in Table 2 where evaluated at 90 ºC and αBarus was determined at atmospheric pressure.  

Table 1. Mechanical and numerical parameters including the reference asperity. 
Parameter Symbol Value Unit 
Mean entrainment speed  𝑢𝑢m 8.5 m s⁄  
Slide to Roll Ratio 𝑆𝑆𝑆𝑆𝑆𝑆 ±0.12, 0  − 
Hertz pressure 𝑝𝑝Hertz 1.93  GPa 
Equivalent elastic modulus 𝐸𝐸′ 226  GPa 
Thermal expansion coefficient α 11 10−6/℃ 
Equivalent radius 𝑟𝑟′ 10.6  mm 
Contact half width, Eq. (8) 𝑎𝑎 362  µm 
Asperity height and dent depth 𝛿𝛿 ±1.5 µm 
Asperity wavelength, 𝑥𝑥 direction 𝜔𝜔 100  µm 
Dry friction coefficient 𝜇𝜇 0.3 − 
Inlet temperature 𝛤𝛤0 90  ℃ 
Metal heat capacity 𝑐𝑐p,met 450 J/kg℃ 
Metal thermal conductivity 𝜅𝜅met 47 W/m℃ 
Metal density 𝜌𝜌met 7850 kg/m3 
Findley normal stress coefficient 𝜅𝜅F 0.627 − 
Findley endurance limit  𝜎𝜎eF 625 MPa 
Inlet position 𝑋𝑋0 2.0 − 
Outlet position 𝑋𝑋e 1.5 − 
Transvers width Y0 0.66 − 
Number of nodes in RD 𝑁𝑁𝑋𝑋 257 − 
Number of nodes in TD 𝑁𝑁𝑌𝑌 97 − 
Number of time steps 𝑁𝑁𝑡𝑡 514 − 
Total number of vertical nodes 𝑁𝑁𝑧𝑧 81 − 
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Table 2. Data for PAO B lubricant and non-dimensional parameters. 
Parameter Symbol Value Unit 
Roelands pressure-viscosity coeff. 𝑆𝑆0 1.25 − 
Roelands pressure-viscosity coeff. 𝐺𝐺0 4.57 − 
Roelands pressure-viscosity coeff. 𝐶𝐶z −0.0710 − 
Roelands pressure-viscosity coeff. 𝐷𝐷z 0.500 − 
Reference viscosity 𝜂𝜂0 16 mPa ∙ s 
Barus pressure-viscosity exp. 𝛼𝛼Barus 13 GPa−1 
Roelands pressure-viscosity epx. 𝑍𝑍R 0.48 − 
Pressure-density parameter 𝐴𝐴1 0.690 GPa−1 
Pressure-density parameter 𝐴𝐴2 2.55 GPa−1 
Thermal expansion  coeff. at 40℃  𝛼𝛼40 6.8 ∙ 10−4 ℃−1 
Reference temperature 𝛤𝛤40 40 ℃ 
Reference density 𝜌𝜌0 850 kg/m3 
Reference heat capacity  𝑐𝑐𝑝𝑝0 2.08 kJ/kg℃ 
Heat capacity coeff. 𝑐𝑐𝑝𝑝1 0.41 − 
Heat capacity coeff. 𝑐𝑐𝑝𝑝2 1.05 − 
Heat capacity coeff. 𝛽𝛽0 6.5 10−4 ℃⁄  
Heat capacity coeff. 𝛽𝛽1 2.7 GPa−1 
Heat capacity coeff. 𝛽𝛽2 −1.5 GPa−2 
Reference thermal conductivity 𝜅𝜅𝛤𝛤0 0.154 W/m℃ 
Thermal conductivity coeff. 𝜅𝜅𝛤𝛤1 1.40 10−9 
Thermal conductivity coeff. 𝜅𝜅𝛤𝛤2 0.34 10−9 
Dimensionless material parameter 𝐺𝐺 3.1 10−3 
Dimensionless speed parameter 𝑈𝑈 5.8 1011 
Dimensionless load parameter 𝑊𝑊 4.6 104 
 

The results are presented in Figs 5 to 12. Figs 5 to 9 show results for the axisymmetric point asperity 
while Figs 10 to 12 illustrates the results for a locally dented geometry. The figures illustrate different 
SRR: +12 %, 0 and –12 % on the asperity surface. 

4.1 Asperities 
The pressure and lubrication film thickness are presented in Fig. 5a for a contact where the asperity 
moved with 9 m/s while the opposite surface moved at 8 m/s, i.e. the SRR was 12 % with positive slip 
on the asperity surface. Fig. 5b presents the temperature for the lubricant and the asperity surface.  Fig. 
5c shows the shear stresses and Fig. 5d the shear force on the asperity surface. The thick solid lines in 
Figs 5a to 5c represent the time independent solution for a smooth cylinder contact, while the thin lines 
represent the time dependent solution along 𝑌𝑌 = 0 with the asperity at three different instances or 
positions during the over-rolling. The thin solid lines illustrate the transient conditions at 𝑋𝑋d = −1 or 
just after the asperity entered into the contact. The pressure spike in Fig. 5a on the asperity was already 
well developed at Xd = −1 and in front of the asperity the squeeze effect had created a small pressure 
peak. Just in front of, and behind, the asperity the contact pressure was slightly relieved compared to 
the cylindrical pressure. The film thickness tended to zero at the asperity centre. The dashed lines 
presents the conditions with the asperity at the contact centre at 𝑋𝑋d = 0.0, and for the dash-dot lines 
the asperity was at the contact exit, 𝑋𝑋d = 1. The curves show how the local contact properties developed 
at asperity entry and travelled with the asperity throughout the contact. The dotted lines in Figs 5a to 
5c indicate the maximum p, Γ, and τxz on the asperity for each X-position. The maxima were evaluated 
for all time instances during the over-rolling and for all transverse Y-coordinates at the X-position. 
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The temperature field in Fig. 5b includes a 30 °C increase from 90 t0 120 °C for material that has 
passed the cylindrical contact, illustrated with thick lines in the graph. The profile includes a small 
spike for the lubricant temperature at the cylindrical contact exit pressure spike in Fig. 5a and higher 
average lubricant than metal temperature inside the contact. The Γ spikes on the asperity agree with 
those for the pressure. At asperity entry and early passage through the contact, metal contact developed 
on the asperity summit with maximum Γ up to 280 °C in Fig. 5b. Throughout the remaining contact the 
asperity temperature reached Γ > 230 °C. After exiting, the asperity temperature rapidly fell from 200 
°C but remained higher than that for the surrounding material.  

The total shear force on the asperity, Fasp in Fig. 5d, was defined as the integral of τxz over the surface     
–50 μm < xa < 50 μm and –50 μm < ya < 50 μm. Figs 5a to 5d illustrate that the shear stresses and the 
shear force profile were asymmetric around Xd = 0 with higher magnitude at the inlet than at the 
outlet.  

Figs 5a to 5c shows the asperity contact conditions at three instances. These contact views are 
important for determining properties related to the contact and lubrication conditions. However, the 
graphs show the conditions at different material points which is of less importance for fatigue 
evaluation. Fatigue may develop due to the stress cycle in highly stressed material areas and therefore 
the stress conditions and the complete stress cycle throughout the over-rolling cycle were investigated 
at such specific areas and are presented in Figs 5e and 5f. These graphs were denoted material views in 
contrast to the contact views in Figs 5a to 5c. The material views are presented using the moving 
coordinate system xa – ya with origin at the asperity centre in Fig. 3a whereas the contact views relate to 
the contact fixed coordinate system x – y.  

The pressure spike on the asperity in Fig. 5a was local and of point type. When assessing fatigue the 
first issue was whether there existed any tensile stresses in the surface during the over-rolling. Fig. 5e 
present the material view of the maximum values over time of the major principal stress, σ1, in the 
surface surrounding the asperity. Note that the contour values in this plot are the maximum over all 
time instances during the over-rolling, i.e. stresses at different positions in the graph may have 
developed at different time instances. ya = 0 represents the symmetry line. Fig. 5e illustrates that the 
maximum normal stress was substantially tensile for material points on the xa > 0 side of the asperity. 
The highest values arose when the asperity exited the contact. Here both the normal pressure and shear 
loads on the asperity contributes to the tensile stress state. Inside the cylindrical contact the 
compressive stresses from the line contact cancelled all tensile stresses from the asperity point load. 
Outside the entering asperity, i.e. at xa < 0 in Fig. 5e, the shear forces from positive slip cancelled the 
tensile stress from the entering point asperity contact load.  

Fig. 5f presents the accumulated fatigue risk of material points close to the asperity. The risk was 
computed based on the complete load cycle using the Findley criterion in Eq. (19). The highest fatigue 
risk was reached at the positions that correspond to the tensile stress maxima in Fig. 5e. The maximum 
value, Fimax+ = 2.1, clearly suggest that contact fatigue initiation is a risk at point shaped asperities for 
+12 % SRR. 
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Fig. 5. Fast moving asperity with SRR = +12 % on the asperity surface. a) Contact view of p and h. b) 
Contact view of Γ. c) Contact view of τxz. d) Shear force on the asperity at different Xd positions. e) 
Material view of maximum σ1 at the asperity. f) Fatigue index at the asperity. 

Since the stresses and deformations were evaluated as linear elastic, the stresses from different loads 
can be evaluated individually and super-positioned for the total stress state. Three load types were 
identified which contributes to the in-surface stresses in the vicinity of the asperity: a normal pressure 
from the hydrostatic pressure in the lubricant; tangential friction forces primarily from slip on both the 
asperity and the nominal cylindrical contact; restricted thermal expansion from local temperature 
increase caused by the friction. Figs 6a to 6h present the contributions of the different loads on the 
normal stress σx in the surface layer of the material. σx was selected to illustrate the effects of the 
different loads since it coincided with the peak of the first principal stress along the symmetry line in 
Fig. 5e and it can illustrate compressive stress states.  

Fig. 6a and Fig. 6b presents the total super-positioned σx from all three loads at the inlet at Xd = −1 and 
the outlet at Xd = 1, respectively.  The graphs show momentary snap-shots of the stresses when the 
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asperity entered and exited the contact. When the asperity passed the inlet, no tensile stresses were 
present in Fig. 6a while at the outlet σx became tensile and reached 1.0 GPa in Fig. 6b.  

Fig. 6c and Fig. 6d illustrate the effect of the normal contact pressure alone on σx. The normal pressure 
includes the cylindrical pressure profile, thick blue curve in Fig. 5a, and point pressure on the asperity, 
which is illustrated by the thin solid line and the thin dash-dotted line in Fig. 5a for the inlet and outlet, 
respectively. The point type pressure on the asperity yielded some tensile stresses in areas that 
extended outward from the contact centre at X = 0. The maximum σx was 220 MPa at the inlet and at 
the outlet it was 550 MPa. The normal pressure from the cylindrical line load caused no tensile stresses 
at the surface outside the contact. Inside the contact it contributed to compressive σx, and there it 
cancelled the tensile radial, or σx, stress from the asperity point contact. Therefore, σx is positive in 
small areas extending outward from the asperity and the contact, to the left at asperity contact entry, 
and to the right at asperity exit, in Fig. 6c and Fig. 6d. 

The main contribution to the tensile in-surface stress came from the friction shear stress; the 
contribution is presented in Fig. 6e and Fig. 6f for the inlet and the outlet, respectively. At the xa > 0 
side of the asperity the friction gave tensile stresses with the maximum values of 1.3 GPa at the inlet in 
Fig. 6e and 1.9 GPa at the outlet in Fig. 6f. On the other side of the asperity, the σx stress was 
compressive with maximum values of –2.2 GPa at the inlet and –0.86 GPa at the outlet. 

The local temperature increase presented in Fig. 5b induced a constricted volume increase, i.e. local 
compressive temperature stresses in the surface at the heated asperity. The thermal stresses are plotted 
separately in Fig. 6g and Fig. 6h for Xd = −1 and 1, respectively. At the asperity entry at Xd = −1, Γ in Fig. 
5b display a single spike without any 2D increase. Thus, the thermal stress in Fig. 6g shows a distinct 
point decrease at xa ≈ −20 µm with values down to −110 MPa. When the asperity exited the contact at Xd 
= 1, the surface temperature of the asperity is higher in Fig. 5b. However, the surrounding material was 
also affected by temperature increase. Thus, the compressive stress reached a value of −170 MPa and 
was more widespread than at the entry. 

From the separation of the three different loads it is clear that the friction load played the major part 
for both contact entry at Xd = −1 and exit at Xd = 1. In both cases there was a substantial increase in the 
surface stress with ∆σx > 1 GPa to the right of the asperity. At exit with Xd = 1, the stress ∆σx was free to 
act on the surface material outside the asperity, see the total σx plot in Fig. 6b with σx,max = 1.0 GPa at xa 
= 20 µm. At contact entry Xd = −1, on the other hand, the stress peak from friction was cancelled by the 
stresses from the contact pressure inside the contact. Hence, the σx peak is missing in the total σx plot 
in Fig. 6a. Maximum σx close to the asperity was compressive at contact entry of the asperity when slip 
is positive on the asperity but at contact exit the stress peak was substantial, which agree with the 
fatigue risk result in Fig. 5f. 
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Fig. 6. The stress σx around the asperity at SRR = +12 %. Total stress from all three load types, a) Xd = –
1 and b) Xd=1. Stress from pressure, c) Xd=–1 and d) Xd=1. Stress from shear loads, e) Xd = –1 and f) Xd 

= 1. Stress from temperature, g) Xd = –1 and h) Xd = 1. 

Fig. 7 presents results for an asperity passing the EHL contact at pure rolling. In Fig. 7a, the only 
noticeable difference compared to Fig. 5a, is the slightly lower pressure on the asperity. Since there is 
no shearing in the contact the temperature increase and the shear stresses where practically zero and 
caused no significant contribution to the contact stresses. The lack of friction yielded much lower 
surface stresses, which is illustrated with σ1 in Fig. 7b, compared to the situation with slip. The figure 
shows, however, that there was still some tension present around the asperity. This tensile stress was in 
the same order as that from only the normal load presented in Fig. 6d, which verifies the asperity point 
load stresses. Fig. 7c illustrates the fatigue risk at pure rolling. In summary: it is possible for surface 
initiated fatigue to develop at pure rolling [6], but not as likely as when slip is present.  
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Fig. 7. Results for pure rolling, SRR = 0. a) Contact view of p and h. b) Maximum values of σ1 over time. 
c) Fatigue index. 

The load case with 12 % negative SRR on the asperity surface is presented in Figs 8 and 9. The 
maximum pressure on the asperity in Fig. 8a was almost, but not quite, of equal magnitude as that in 
Fig. 5a when slip was positive on the asperity. There was also a difference in how the lubricant moved 
relative to the asperity. Since the lubricant moved faster the the asperity the pressure build up on the 
left hand side of the asperity in Fig. 8a, compared to on the right hand side of the asperity in Fig. 6a.  

For negative SRR, the temperature of the asperity in Fig. 8b reached higher values, ~340°C, during 
passage through the first half of the contact than it did for the positive SRR in Fig. 5b. During the 
second half of the contact the asperity temperature decreased to the same 200°C as it did for positive 
slip. At contact end the temperature was slightly lower for negative than for positive slip. 

Fig. 8c and Fig. 8d illustrate that the magnitude of τxz and the shear load at negative SRR were equal to 
those at positive SRR in Fig. 5c and 5d. As with positive SRR, the magnitude of the shear loads was 
higher in the early half of the contact than in the second half of it.  

The maximum tensile principle stress in the surface in Fig. 8e is σ1,max = 2.1 GPa, which was about 0.9 
GPa higher than the maximum tensile stresses in the positive SRR load case. The fatigue risk in Fig. 8f 
is substantial with Fimax− = 2.7. It was located at the same position as σ1,max, which suggested that the 
tensile normal stress σn,max in Eq. (19) play an vital role in fatigue initiation at the asperity in the 
present material. The Fimax− value for negative slip on the asperity was also clearly larger than the 
corresponding value for positive SRR in Fig. 5f. Although Fimax+ = 2.1 for positive SRR on the asperity, it 
suggested less fatigue risk than Fimax− = 2.7 for negative slip. Thus, rolling contact fatigue initiation is 
more likely outside the contact entering asperity and in the forward rolling direction at negative slip 
than for positive slip and in the backward rolling direction. This conclusion agrees with observations 
from applications as in Fig. 1a; RCF develop primarily at negative slip and grows in the forward rolling 
direction.  
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Fig. 8. Slowly moving asperity with SRR = −12 % on the asperity surface. a) Contact view of p and h. b) 
Contact view of Γ. c) Contact view of τxz. d) Shear force on the asperity as function of asperity Xd. e) 
Material view with maximum over time of σ1. f) Fatigue index at the asperity. 

The contributions from the three different loads: normal contact pressure, friction and temperature 
increase to the total σx stress are presented in Figs 9a to 9h. The total stress in Fig. 9a shows a 
substantially tensile σx stress peak outside the asperity as it enters the rolling contact. Note, that the 
position for σx,max agrees with that for σ1,max in Fig. 8e and Fimax− in Fig. 8f. When the asperity exited the 
rolling contact the stress was now compressive all around the asperity, see Fig. 9b. At the inlet, the 
tensile maximum was 2.1 GPa, while at the outlet the maximum value of σx was compressive, -0.1 GPa. 
Thus, the maximum σx stress at the asperity was larger for negative SRR than for positive SRR. 

The contribution from the normal contact pressure is presented in Fig. 9c and Fig. 9d. These results for 
negative slip on the asperity were quite similar to those for positive SRR in Figs 6c and 6d. On the 
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outsides compared to the contact the stress fields were identical with σx,max = 0.20 GPa at Xd = -1  and 
σx,max = 0.58 GPa at Xd = 1. On the interior sides of the asperity some small profile differences can be 
noted. 

The contribution from the shear tractions were similar for negative and positive slip, but of opposite 
sign or direction. Fig. 9e and 9f should be compared to Fig. 6e and 6f. At Xd = -1, σx,max = 2.2 GPa in Fig. 
9e and at Xd = 1, in Fig. 9f, σx,max = 0.60 GPa when the slip was negative. For positive slip the 
corresponding maximum tensile stresses were 1.3 GPa and 1.9 GPa.  

The contributions from the constricted temperature expansions at negative SRR are presented in Fig. 
9g and Fig. 9h. The maximum compressive contribution was -130 MPa at the inlet and -160 MPa at the 
outlet. The results for positive SRR were of the same order and also slightly larger at exit than entry. It 
was concluded that the temperature effect on stresses was compressive, slightly larger at exit than entry 
but always marginal. 
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Fig. 9. σx around the asperity at SRR = –12 %. The stress from all three loads, a) Xd = –1 and b) Xd = 1. 
Stress from normal load, c) Xd = –1 and d) Xd = 1. Stress from shear tractions, e) Xd = –1 and f) Xd = 1. 
Stress from temperature gradients, g) Xd = –1 and h) Xd = 1. 

4.2 Dents 
Results for a 1.5 µm deep smooth dent that passed the TEHL contact with different SRR are presented 
in Figs 10 to 12. An overall comparison between the equally sized asperity and dent shows that the dent 
did not affect the pressure and stresses as much as the asperity. The normal pressures around the dent, 
the temperature increase and the frictional forces were all lower for the dent than for the asperity. For 
the dent, the EHL interacted with the sloping walls of dent to create the pressure peaks [6], which is 
another mechanism than the pressure peak on the asperity in Figs 5 to 9. 

Fig. 10 presents results for a dent with SRR = +12 % on the dent surface. Since the dent moved faster 
than the lubricant, a pressure peak was formed on the xa < 0 side of the dent, see the dashed thin line 
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with the dent at X = 0 in Fig. 10a. On the leading rim of the dent, at xa > 0, the film height display a 
local dip, almost reaching metal contact. At X = −1 and X = 1 the dent is mostly noticeable with the 
substantially increased film height. The pressure was not much affected at entry and exit. Also, the EHL 
interaction with the dent was not active in these positions. The absence of point pressures at the 
cylindrical contact rim meant that there was no tensile surface stress acting outside the cylinder 
contact. 

The temperature increase presented in Fig. 10b was the highest where the highest pressure was reached 
in Fig. 10a. It was lower than the corresponding increase for an asperity. The shear traction τxz in Fig. 
10c and summed shear force in Fig. 10d on the dent were lower than for the asperity but still relatively 
large. The oscillations in maximum τxz in Fig. 10c was the result of oscillations in the numerical 
detection of metal contact. Fig. 10c illustrates that the dent had to be inside the TEHL contact for the 
shear forces to develop which limits effect on any tensile surface stresses; any tensile surface stresses 
from friction were cancelled by the contact pressure inside the contact. The major principal stress 
graph in Fig. 10e confirms that the maximum tensile stress around the dent when it was over-rolled 
was small, i.e. almost cancelled by the cylindrical contact pressure. Although the fatigue index in Fig. 
10f was lower than for the equally sized asperity, it still displayed an increase at the dent rim compared 
to the surrounding material. Thus, even the small smooth dent increased the fatigue risk.  
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Fig. 10. Fast moving dent with SRR=+12 % on the dented surface. a) Contact view of p and h. b) 
Contact view of Γ. c) Contact view of τxz. d) Shear force on the dent as function of Xd. e) Material view of 
maximum σ1. f) Fatigue index at the dent.  

The pure rolling dent case is presented in Fig. 11. The normal pressure and film height in Fig. 11a is 
similar to those at positive slip. The absence of contact shearing from slip resulted in lower σ1 in Fig. 
11b and fatigue data in Fig. 11c compared to those with slip.   
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Fig. 11. Dent at pure rolling, SRR=0. a) Contact view of p and h. b) Material view of maximum σ1. c) 
Fatigue index. 

Fig. 12 illustrates the results for negative slip, SRR = -12 % on the dent. These results are similar to 
those for positive slip but here the pressure peak developed at the xa > 0 side of the dent, see Fig. 12a. 
In this case the lubricant moved faster, um = 8.5 m/s, than the dent, 8 m/s. The highest temperature 
increase was found where the pressure was the highest; see Fig. 12b. Fig. 12c and Fig. 12d show that the 
magnitude of the shear stress and the shear force was similar to those at positive slip. Again the contact 
pressure cancelled most of the tensile surface stress components. Therefore, σ1 in Fig. 12e was small 
and Fi in Fig. 12f was less than 1.  
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Fig. 12. Slow moving dent with SRR = −12 % on the dented surface. a) Contact view of p and h. b) 
Contact view of Γ. c) Contact view of τxz. d) Shear force for the dent at different Xd positions. e) Material 
view of maximum σ1. f) Fatigue index. 

5 Discussion  

The results show that slip increases the fatigue risk substantially for both the asperity and the dent 
compared to pure rolling. It was noted that the simulated dent was too small for predicting fatigue but 
based on results in the literature the risk will increase with increasing depth [7]. The asperity on the 
other hand was clearly sufficiently large for fatigue both at positive and negative slip. Furthermore, the 
asperity point load mechanism predicted higher Fimax and σx,max for negative SRR than positive SRR, 
which phenomenologically agree with results in the literature [7]. 
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5.1 Asymmetry between positive and negative slip 
The contact conditions and the fatigue risk are presented in Figs 5 to 9 for an asperity that passed 
through an EHL contact with positive, negative or no slip. The investigated negative SRR of −12% was 
selected to agree with the position where most large RCF pits had initiated in the gear application 
example in Figs 1 and 2. It was located about one mm below the pitch line, in the dedendum of the 
pinion. Note that in the application in Fig. 1b the contact load was constant throughout the range with 
−12 % ≤ SRR ≤ +12 %, i.e. the external loads were equivalent, but something in the TEHL contact 
conditions had caused the asymmetry in stresses and fatigue risk between positive SRR and negative 
SRR. The simulations showed that compared to pure rolling, the fatigue risk increased substantially 
when slip was present. Negative slip increased the fatigue index to Fimax− = 2.7 and positive slip to Fimax+ 
= 2.1 compared to pure rolling with Fimax0 = 0.9. The difference in fatigue risk between negative and 
positive slip is both intriguing and important. It is important since it agrees with the well-known 
application result; RCF pits develop at negative slip. It is intriguing because it must have an 
explanation in asymmetric contact conditions. The key question for the asperity point load mechanism 
was then if it could explain why negative slip is more detrimental with regards to RCF than positive 
slip. 

A contact mechanics view on dry perfect contact conditions with fully developed slip throughout the 
contact would result in exactly the same stress results with maximum tensile stress outside an entering 
asperity at negative slip as outside an exiting asperity with positive slip. Still, observed RCF cracks 
develop at negative slip and in the forward rolling direction, never against the rolling direction at 
positive slip. The presence of lubrication and TEHL contact conditions provided a series of 
asymmetries which could explain this fatigue risk asymmetry. Firstly, the cylindrical pressure included 
a small pressure before contact start at X < −1 and the famous pressure spike at X ≈ 1 with constriction 
to the minimum film height hmin. The pressure spike asymmetry then interacted with the asperity. 
Secondly, friction from slip heated the cylinder contact and the asperity which should provide 
compressive stresses at contact exit due to restricted thermal expansion. Thirdly, the contact shear 
stress and asperity shear force were skewed towards the early part of the rolling contact. 

The pressure on the asperity was fairly symmetric with slightly larger pressure on the asperity at 
contact exit from the pressure spike for both positive slip in Fig. 5a and negative slip in Fig. 8a. The 
stresses from normal pressure alone in Figs 6c, 6d, 9c and 9d were identical between positive and 
negative slip in the interesting area with σx > 0. In both cases, the stress maximum was slightly larger 
at contact exit than entry. Thus, it was noted that the first asymmetry, in contact pressure, provided far 
too small and actually counteracting tensile surface stresses to explain the observed difference in 
fatigue risk between positive and negative slip, and to explain the forward directed fatigue crack 
growth.  

The second asymmetry, the constricted thermal expansion of the metal at the asperity, provided 
slightly larger compressive stresses at the exiting than the entering asperity in Figs 6g, 6h, 9g and 9h. It 
was concluded that the constricted thermal expansion provided an asymmetric explanation that 
qualitatively agreed with the fatigue findings but the effect on σx was far too small to explain the 
difference in Fi between positive and negative slip. The difference was only about 60 and 40 MPa for 
positive and negative SRR, respectively.  

The third asymmetry, the skewed shear traction present for both negative and positive SRR, was higher 
in the early part of the contact than in the second part, and it developed due to three reasons. The first 
reason was the temperature increase in the contact. Since the temperature of the oil increased along the 
flow through the contact, see the thick solid line in for example Figs 5b and 12b, the viscosity of the oil 
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decreased through the contact. The thick solid line in Fig. 13a shows the decrease of viscosity through 
the contact for the steady-state solution with SRR = +12 % on the asperity surface. Note that the 
ordinate in Fig. 13a is log(h). The decrease in viscosity reduced the shear stresses the lubricant could 
carry and transfer to the metal surfaces, see the thick solid lines in for example Fig. 5c, where τxz is 
smaller in the second half of the contact than in the first part. The end result of this effect was an 
asymmetric tensile stress from the line shear load. 

The second reason for the skewed τxz was the lubricant under the defect. At the inlet, it was unheated 
while it was heated in the outlet. The effect was a higher shear force on the defect in the inlet than in 
the outlet. The viscosity under an asperity is presented in Fig. 13a for three different asperity positions, 
Xd = −1, 0 and 1. A clear difference, up to a factor of 10, is visible between the viscosity under the 
asperity at Xd = −1 and Xd = 1.  

The third contribution to the decrease in shear tractions along the contact was due to the separation of 
the real defect (RD), i.e. the asperity or the dent, and the complementary effect (CE) of the defect. 
When the asperity entered the contact it affected the shape of the lubrication film in the inlet. In 
contacts with slip the asperity moved with another velocity than the lubricant, which moved with the 
entrainment speed um. This caused a separation of the asperity contact or the RD and its CE on the 
lubrication film. When the CE moved away from the RD, the film shape under the defect, i.e. the 
asperity, was forced back towards the normal steady-state film shape. This affected the pressure on the 
defect as it was forced to a higher separation of the two mating surfaces.  The separation of the surfaces 
yielded a decrease of the second term in Eq. (18), which decreased the shear traction on the metal 
surfaces. Fig. 13b visualizes the separation of the RD and CE for an asperity in a contact with conditions 
following Table 1 and Table 2 but with SRR = +35 % to more clearly show the separation. The thick 
solid lines in Fig. 13b represent the time independent cylinder contact. The situation when the asperity 
entered the contact, Xd = –1, is presented by thin solid lines. At the inlet the asperity created the CE 
since the viscosity was low.  Thereafter the RD and CE started to separate due to positive SRR. The 
separation is illustrated by the dash-dot lines in Fig. 13b where the asperity, RD, has moved further 
than the CE. The separation is captured in experiments by Šperka et al. [55]. The separation of the RD 
and CE explained the increase of the pressure on the asperity in Figs 5a and 8a as it moved from the 
inlet to the outlet. However, this asymmetric increase in point load on the asperity was only effective 
inside the cylinder contact where the normal cylinder pressure cancelled the tensile surface stress from 
the asperity point load. Therefore, it did not have any significant effect on the tensile surface stress at 
the asperity entry or exit. 

It was noted that the TEHL contact resulted in a series of asymmetric effects which affected the stresses 
just outside the contact entering and exiting asperity. The asymmetries shifted the in-surface σx stress 
to be larger in front of asperity when it entered the contact with negative SRR, Fig. 9a, than behind the 
exiting asperity at positive slip, Fig. 6b. The discussion and the results in Figs 5 to 9 suggested that the 
major source for the stress asymmetry was the result of the asymmetric shear traction, which in turn 
was the result of the increasing separation on the asperity due to the CE and the increasing 
temperature through the contact with the resulting decrease in viscosity. 
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Fig. 13. a) Viscosity change for SRR = +12 % on the asperity surface. The 3 thin lines are time 
dependent solutions for 3 asperity positions. Note the logarithmic ordinate scale. b) Film thickness at 
SRR = +12 % where the RD and CE separated at the outlet.  

 

Fig. 14. Stressed areas in gear teeth just outside contact entering or exiting asperity due to nominal line 
load and point asperity load: a) and b) early contact in dedendum of pinion and addendum of follower, 
c) and d) contact after pitch line in addendum of pinion and dedendum of follower, see text for details. 

-1.5 -1 -0.5 0 0.5 1 1.5

10 -2

10 0

10 2

10 4



 32 (38) 
 

5.2 Asymmetric SRR load and RCF in gear teeth 
A gear mesh interaction where point type asperities passes through the rolling and slipping cylinder 
type contact comprises eight load cases with different surface stresses in the area just outside the 
contact entering or exiting asperity. The different load cases are pairwise drawn in Fig. 14. Each tooth 
surface is drawn with four loads: normal line contact load PL from the cylindrical contact; shear 
traction from the slipping cylinder contact QL; normal point asperity contact load PP; shear traction on 
the asperity QP. The surfaces were also subjected to a fifth load, the temperature increase Γ, which was 
not included in the figure. Figs 14a and 14b show the loads at two early stages in the gear mesh 
interaction. In these cases, the contact point is below the pitch line, in the dedendum of the pinion, and 
above the pitch line of the follower, in the addendum. The contact point is moving upwards in the 
figure. Slip is here negative on the pinion giving shear traction acting against the rolling direction on 
the pinion surface. On the follower, slip is positive with traction forces acting in the rolling direction.  

Asperities were here drawn on both mating surfaces in the figures in order to save space. Considering 
fatigue, only the asperity in the analysed surface is active. The mating asperity should be disregarded 
and the mating surface regarded as smooth. Fig. 14a illustrates the loads when an asperity in the pinion 
or follower surface enters the cylindrical gear contact below the pitch line and the stressed area is 
located in front of the asperity in a contact view. Note that the cylindrical normal contact load PL in Fig. 
14 never contributes to surfaces stresses outside the contact [7], in front of or behind the rolling 
contact. There remain four loads to consider for the stressed areas are: normal asperity point load PP, 
cylindrical shear load QL, asperity shear load QP and temperature increase Γ. 

Case 1: The asperity is on the pinion surface in Fig. 14a and enters the contact with negative slip, which 
was simulated with results in Figs 8 and 9 for Xd = −1. The different loads contribute to the in-surface 
stress in the stressed area marked in Fig. 14a: 

• PP gave tensile in-surface stresses in the rolling direction in accord with σx in Fig. 9c. 

• QL and QP both gave positive contributions to the in-surface σx stress following Fig. 9e. The 
asymmetry in shear traction in Fig. 8c made this contribution large. 

• Restricted material expansion from local heating Γ of the entering asperity gave a small 
compressive contribution to σx in Fig. 9g. 

• The superposed stress-state corresponded to that in Fig. 9a with σx = 2.1 GPa i.e. the highest in-
surface stress in Figs 5 to 9. 

Case 2: The asperity is on the follower surface in Fig. 14a and enters the contact with positive slip. The 
results from the corresponding simulation are found in Figs 5 and 6 for Xd = −1. The contributions from 
the different loads were in this case:  

• PP gave positive in-surface stress in the rolling direction in accord with σx in Fig. 6c. 

• QL and QP both gave negative contributions to the in-surface σx stress following Fig. 6e. The 
asymmetry in shear traction in Fig. 5c made this contribution large. 

• Material expansion from local heating Γ of the entering asperity gave a small compressive 
contribution to σx in Fig. 6g. 
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• The superposed stress-state corresponds to that in Fig. 6a with σx < 0.3 MPa i.e. the lowest in-
surface stress in Figs 5 to 9. 

Case 3: The asperity is on the pinion surface in Fig. 14b and exits the contact with negative slip, which 
corresponds to the results in Figs 8 and 9 for Xd = 1. The different loads contribute to the in-surface 
stress in the stressed area in Fig. 14b: 

• PP gave positive in-surface stress in the rolling direction in accord with σx in Fig. 9d. 

• QL and QP both gave compressive contributions to the in-surface σx stress following Fig. 9f. The 
asymmetry in shear traction in Fig. 8c made this contribution numerically smaller than that in 
case 2. 

• Material expansion from local heating Γ of the exiting asperity gave a small compressive 
contribution to σx in Fig. 9h. The contribution was slightly larger than that in case 2. 

• The superposed stress-state corresponded to that in Fig. 9b with σx < 0.1 MPa, i.e. almost as 
compressive as in Case 2. 

Case 4: The asperity is on the follower surface in Fig. 14b and exits the contact with positive slip. The 
results from the corresponding simulation are found in Figs 5 and 6 for Xd = 1. The contributions from 
the different loads were:  

• PP gave positive in-surface stress in the rolling direction in accord with σx in Fig. 6d. 

• QL and QP both gave tensile contributions to the in-surface σx stress following Fig. 6f. The 
asymmetry in shear traction in Fig. 5c made this contribution numerically smaller than that in 
case 1. 

• Material expansion from local heating Γ of the exiting asperity gave a small compressive 
contribution to σx following Fig. 6h. The contribution was slightly larger than that in case 1. 

• The superposed stress-state corresponds to that in Fig. 6b with σx = 1.0 GPa i.e. a high in-
surface stress but lower than case 1. 

Figs 14c and 14d show the loads at two late stages in the gear mesh interaction, when the cylinder 
contact has passed the pitch line. The contact point is in the addendum of the pinion with positive slip 
on the pinion surface and in the dedendum of the follower with negative slip on the follower surface. In 
Fig. 14c the asperity enters the contact and Fig. 14d illustrates the loads when the asperity exits the 
contact. The load cases 5 to 8 in Figs 14c and 14d each have an equivalent case among the first four 
cases:  

• Case 5 in Fig. 14c, where the asperity on the pinion enters the contact under positive slip, agree 
with case 2.  

• Case 6 in Fig. 14c correspond to case 1. The asperity on the follower surface enters the contact 
under negative slip. 

• Case 7 in Fig. 14d depicts the asperity on the pinion as it exits the contact under positive slip, 
which is equivalent with case 4. 
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• Case 8 in Fig. 14d agree with case 3. The asperity on follower surface exits the contact with 
negative slip. 

From a contact mechanics view without TEHL, cases 1, 4, 6 and 7 should all be equally detrimental with 
respect to RCF and small point shaped asperities that pass the rolling and sliding gear contact. 
Experimental studies of gear contacts show that they are not. In practice RCF pits develop in the 
surface subjected to negative slip, which corresponds to the current cases 1 and 6. The pit typically 
develop in the forward rolling direction in the surface subjected to negative slip as is illustrated by cases 
1 and 6, not against the rolling direction at positive slip as in cases 4 and 7. The difference between case 
1 and 6 on one side and cases 4 and 7 on the other side was the asymmetric load conditions described in 
section 5.1 where the asymmetry in shear traction was the major source for promoting RCF cracking at 
negative slip. It was concluded that the asperity point load mechanism together with the asymmetry of 
the TEHL shear traction could explain why RCF pits develop in the contact surface with negative slip 
and grow in the forward rolling direction. Forward crack growth direction from a point loaded asperity 
that enters a rolling cylinder contact is established in the literature [23], [38], [39] and [40] by 
following the major principal stress trajectory. 

Gears cases 1 and 6 both have negative slip on the teeth in the dedendum. In case 1, the pinion, the pits 
develop in the dedendum, in the forward rolling direction and towards the pitch line. In case 6, the 
follower, the pits develop in the dedendum, in the forward rolling direction but towards the tooth root. 
The typical damage develops in the pinion following case 1 but may exist in the dedendum of the 
follower with growth towards the tooth root. Pits in the follower dedendum is however uncommon, 
which could be explained by the gear ratio, the typical pinion tooth being subjected to more load cycles 
than the follower tooth. Hence, the damage should develop first on the pinion following case 1. 

5.3 Effect of asperity height 
For lower asperities the risk of metal contact decreased and simulations were made for d = 0.5 and 1.0 
µm and compared with the studied d = 1.5 µm. The resulting σx,max outside the contact entering asperity 
with negative slip, i.e. case 1 with the asperity on the pinion surface entering the contact below the pitch 
line, and positive slip, i.e. case 7 with the asperity on the pinion surface exiting the contact above the 
pitch line, are drawn in Fig. 15a. The linear relation with d suggested that the same mechanisms are 
responsible for the increased σx also at lower d. 

5.4 Contact friction 
Since the shear tractions play a vital role in the investigation the magnitude of these were validated 
against the literature. The global friction coefficient µ, evaluated as the total frictional force divided by 
the total normal force, was compared with the measured friction coefficient in the literature [44]. Since 
the global friction coefficient was found to depend on the SRR, results for different SRR are presented 
in Fig. 14. With higher SRR more heat was generated which caused the viscosity, and therefore the 
friction, to decrease. The friction coefficient was captured from cylindrical contacts without asperities 
and was found to agree with the results in the literature. 
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Fig. 14. a) Effect of asperity height on σx,max outside entering or exiting asperity.  b) Simulated friction 
coefficient, µ, and measurement µ from the literature [44]. 

6 Conclusions 

Thermal simulations of rolling contacts with moderate ±12 % slip were performed for the friction shear 
stress in the contact and for the temperature loads on the metal surfaces. The thermal effects from slip 
were sufficiently large to clearly affect the contact shear stress profile and confirm that a TEHL model 
should be used for modelling rolling contacts with moderate slip. If, on the other hand, pure rolling 
conditions exist, such as at the pitch line, then the thermal effects were marginal, can be neglected and 
EHL simulations will suffice.  

The risk for fatigue expressed in the Fi index or the in-surface σx stress along the symmetry line 
increased substantially in a small area outside the contact entering asperity at negative SRR. The 
fatigue risk also increased outside the contact exiting asperity at positive SRR but with clearly lower Fi 
index than for negative SRR.  

In a contact following view the highest stressed area was located in front of the asperity as it entered 
the rolling cylinder contact. The RCF crack was found to initiate and, based on findings in the 
literature, also propagate in the forward rolling direction, which agree with RCF pits in applications. It 
was concluded that the asperity point load mechanism predicts the forward directed RCF initiation and 
growth when the simulations includes a TEHL model. 

It was also noted that there exist an asymmetry in contact fatigue risk between initiation in the forward 
rolling direction due to negative slip and initiation against the rolling direction from positive slip. The 
asymmetry existed although the contact load and contact slip were equally large at the investigated 
positive and negative slip. The asymmetry was explained by an asymmetry in the shear stress traction 
with higher values in the early part of the stress profile than in the second half. The skewed profile was 
the result of increased temperature throughout the contact with decreasing viscosity and therefore also 
decreasing capacity of the fluid film to carry the frictional shear stress. 

By explaining the asymmetry of pitting in applications the simulations validated the asperity point load 
theory as a driving mechanism for surface initiated pitting in heavily loaded truck spur gears. It was 
shown that the increase in temperature combined with the separation of the real defect and its 
complementary effect on the lubrication reduced the shear traction in the outlet, but not in the inlet. 
This yielded a higher tensional in-surface stress on the xa < 0 side of the contact entering asperity 
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experiencing negative SRR than on the xa > 0 side of exiting asperity experiencing positive SRR. Thus, 
the asperity point contact mechanism could explain why surface initiated RCF typically initiate at 
negative slip and in the forward rolling direction. 
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