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“A person who never made a mistake never tried anything new."
— Albert Einstein

“Nothing in life is to be feared, it is only to be understood. Now is the
time to understand more, so that we may fear less."

— Marie Curie

“To invent, you need a good imagination and a pile of junk."
— Thomas A. Edison

“You can’t connect the dots looking forward; you can only connect them
looking backward. So you have to trust that the dots will somehow con-
nect in your future."

— Steve Jobs
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Abstract

Electric motor drives are a cornerstone for many fundamental functions in
today’s society, and their expected dominance within the transport sector is
considered one of the main keys to abate global warming. Subsequently, the
incentives for improved performance of electric motor drives cannot be suffi-
ciently emphasized. This thesis strives for improved performance in electric
motor drives of industrial power tools, such as the nutrunner system.

A typical nutrunner system comprises a wall-mount power converter and
a cable-connected, lightweight (handheld) nutrunner. The converter feeds
the electric motor with a pulse-width modulated signal, which, apart from
the desired fundamental component, also contains undesired high-frequency
harmonics. As a consequence, harmonic losses are generated in the motor
which reduce the performance. Harmonic losses occur in every conductive
part of the motor, but rotor losses are considered more challenging due to
the poor heat transfer across the air gap. Excessive rotor temperatures can
cause premature bearing failure and even irreversible demagnetization of the
permanent-magnets. The conventional solution is to use a large inductive
motor filter to suppress the harmonic currents fed to the motor.

However, the recent emerge of wide-bandgap transistors enables signifi-
cantly higher switching frequencies in electric motor drives compared to their
conventional, silicon-based counterparts, which can reduce the size of the re-
quired motor filter. The aim of this work is to eliminate the wall-mount
converter and make it sufficiently small for integration inside the nutrunner
unit. Optimization of electric motor drives using wide-bandgap technology
requires accurate models for the prediction of harmonic phenomena in electric
machinery.

The main focus of the thesis is to develop an accurate model for the pre-
diction of harmonic losses in slotless permanent-magnet motors when fed by
a wide-bandgap inverter. As a first step, the small-signal magnetic behaviors
(including power losses) of silicon and carbon steel are characterized. Next,
a computationally efficient, three-dimensional finite-element model for simu-
lation of harmonic motor losses, is developed. The model is experimentally
validated using a broad range of rotor-magnet segment thicknesses. The de-
veloped models show that wide-bandgap technology can effectively contribute
to the elimination of the inductive motor filter.

In the second part of the thesis, a novel sensorless control-method (en-
abled by a filter-less motor drive topology) is developed, and experimentally
evaluated. The results show an estimation error of the rotor position below
2◦, which, in contrast to conventional slotted machinery, is practically unaf-
fected by the load (current) level. In the third part of the thesis, a compact,
filter-less wide-bandgap inverter is developed and experimentally evaluated.
Despite operation at significantly higher switching frequencies, inverter power
losses can be halved, which further reduces the system weight (due to a smaller
heat-sink).

To summarize, the utilization of wide-bandgap transistors enables sub-
stantial improvements in terms of reduced system weight, complexity, and
power losses in slotless permanent-magnet motor drives.
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Sammanfattning

Elektriska motordrivsystem utgör en hörnsten för många grundläggande
funktioner i dagens samhälle. Deras förväntade breda etablering inom trans-
portsektorn anses vara en av de främsta åtgärderna för att motverka den
globala uppvärmningen. Detta medför att behovet av stimulansåtgärder för
ökad prestanda inom elektriska motordrivsystem inte nog kan betonas. Den-
na avhandling syftar till att öka prestanda i elektriska motordrivsystem för
industriella mutterdragare.

Ett typiskt mutterdragarsystem består av en stor, väggmonterad effekt-
omriktare samt en kabelansluten handhållen mutterdragare med låg vikt. Om-
riktaren matar elmotorn med en pulsbreddsmodulerad signal som, utöver den
önskade grundtonen, även innehåller oönskade högfrekventa övertoner. Dessa
skapar övertonsförluster i elmotorn vilket begränsar prestandan. Övertons-
förluster sker i alla elektriskt ledande material i motorn, men rotorförluster
anses särskilt problematiska till följd av den låga värmeöverföringsförmågan
genom luftgapet. En förhöjd rotortemperatur kan åstadkomma förtida lager-
haveri och dessutom oåterkalleligt avmagnetisera permanentmagneterna. Den
typiska motåtgärden innefattar ett skrymmande motorfilter som motverkar
att övertonsströmmarna matas till elmotorn.

Den nyligen lanserade bredbandgapstekniken inom krafttransistorer möj-
liggör avsevärt högre switchfrekvenser i elektriska motordrivsystem än kon-
ventionella, kiselbaserade motsvarigheter. Detta kan bidra till att minska stor-
leken på motorfiltret. Syftet med detta arbete är att eliminera den väggmon-
terade kraftomriktaren och minska dess storlek i så stor utsträckning att den
kan integreras inuti mutterdragarenheten. För att kunna optimera elektriska
motordrivsystem som använder bredbandgapskomponenter krävs noggranna
modeller för att kunna förutsäga högfrekventa övertonsfenomen i elmotorer.

Det primära målet med denna avhandling är att ta fram en noggrann
modell för simulering av övertonsförluster i luftgapslindade permanentmag-
netiserade elmotorer som matas av en bredbandgapsomriktare. Därför har
småsignalbeteendet (inklusive effektförluster) hos kisel- och kolstål karakteri-
serats i ett första skede. Därefter har en beräkningseffektiv simuleringsmodell
för övertonsförluster baserad på tredimensionella finita elementmetoden tagits
fram. Modellen bekräftas via mätningar med ett flertal rotorer som utrustats
med ett brett längdspann på magnetsegmenten. De utvecklade modellerna
visar att bredbandgapsteknik på ett effektivt sätt kan bidra till att eliminera
det induktiva motorfiltret, vilket minskar systemvikten avsevärt.

Avhandlingens andra del beskriver en unik metod för givarlös motorstyr-
ning vilket möjliggörs av den filterlösa omriktartekniken. De experimentella
resultaten visar att vinkelskattningsfelet understiger 2◦, i princip oberoen-
de av lastnivå (strömnivå), vilket står i kontrast mot konventionella, tanda-
de elmotorer. Avhandlingens tredje del behandlar framtagandet av en filter-
lös bredbandgapsomriktare. Trots den avsevärt högre switchfrekvensen visar
mätningar att omriktarförlusterna kan halveras, vilket ytterligare minskar
systemvikten då kylaren kan göras mindre.
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Sammanfattningsvis möjliggör nyttjandet av bredbandgapskomponeter
omfattande förbättringar avseende minskad vikt, komplexitet samt effektför-
luster i luftgapslindade permanentmagnetiserade elektriska motordrivsystem.

Nyckelord: bredbandgapsomriktare, finita elementmetoden, givarlös styr-
ning, luftgapslindade elektriska motordrivsystem, termisk modellering, över-
tonsförluster.
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Chapter 1

Introduction

1.1 Background

Around 45 % of the global electricity is consumed by electric motors [1]. Electric
motor drives support many fundamental functions in today’s society in form of
pumps, fans, compressors, and have long been a key player within urban trans-
portation. As an example, high-speed electric trains are expected to replace many
domestic, fossile-fuel based air routes within the EU-region and China [2]. Norway
aims for all short-haul flights to be fully electric by 2040 [3]. Furthermore, the on-
going electrification of the automotive sector is generally considered as one of the
most important keys in the global challenge to eliminate our dependency of fossile
fuels. By 2030, more than half of the new vehicles sales in China are projected to be
electric vehicles [4]. Subsequently, the incentives for research aimed at improving
electric motor drives cannot be sufficiently emphasized.

The most important tool to improve efficiency in many existing electric mo-
tor drive installations is the introduction of electronic variable speed-control, i.e.,
connection of the motor to a power electronic converter [1]. Such a connection en-
ables more efficient utilization of the motor. However, connecting an electric motor
to a power electronic converter also causes new problems. Apart from physically
adding a converter box between the grid and the motor, the additional motor losses
due to harmonics in the converter output voltage can result in a significant der-
ating of the motor. High frequency components in the synthesized voltage cause
radiation of electromagnetic noise that can interfere with surrounding electronic
equipment [5]. Furthermore, the increased rotor heating can be a serious issue in
permanent-magnet motors and high speed drives where bearing and permanent-
magnet temperatures must be maintained within a reasonable range [6].

The recent emergence of wide-bandgap power semiconductors enables a higher
efficiency and operation at higher temperatures compared to their conventional
silicon-based counterparts. Higher switching frequencies reduce (or completely
eliminate) the size of required filters. Hence, converters can be made smaller
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2 CHAPTER 1. INTRODUCTION

and more efficient. The higher temperature withstand allows for usage in harsher
environments, and thus significantly improves the horizon for integration of the
converter and motor inside the same package, thereby reducing the risk of electro-
magnetic interference, improving reliability as well as reducing the system size and
cost [7].

1.2 Main Objectives

The recent emergence of wide-bandgap transistors has started a new era within
power electronics. The primary objective in this work is to identify key knowl-
edge gaps related to the implementation of wide-bandgap transistors in slotless
permanent-magnet motor drives. The secondary objective is the development of
adequate design models, aiding to maximize the benefit of using wide-bandgap
technology in motor drives.

1.3 Outline of Thesis

This is a so called ”compilation thesis”. Each chapter serves as a brief background,
introducing key concepts for the scientific contributions which are further presented
in the included papers.

Chapter 2 provides a very brief historical background to the present work.

Chapter 3 describes the investigated application.

Chapter 4 introduces the developed harmonic motor loss models.

Chapter 5 opens up the field of sensorless control within slotless permanent-
magnet motors.

Chapter 6 presents the developed wide-bandgap inverter prototype.

Chapter 7 summarizes the conclusions of the work and provides some proposals
for future research.



1.4. SCIENTIFIC CONTRIBUTIONS 3

1.4 Scientific Contributions

The scientific contributions presented in this thesis are summarized below in their
order of appearance among the included papers.

• A computationally efficient method for modeling of harmonic losses in slotless
permanent-magnet motors is presented in [Paper I]. The proposed method
enables prediction of harmonic losses due to inverter-connection (including
loss separation) with an accuracy of 15 % over a wide frequency (8 kHz–
120 kHz), which is a unique contribution. The sensitivity analysis emphasizes
the importance of taking into account axial segmentation of permanent mag-
nets as well as considering rotor-shaft magneto-elasticity effects. The con-
ducted case study demonstrates that wide-bandgap transistors can effectively
contribute to eliminating the need for inductive filters in motor drives.

• The small-signal behavior of several commercially available grades of com-
monly deployed SiFe-steel (with thicknesses 0.1, 0.2 and 0.3 mm) are charac-
terized in [Paper II]. The minor loop B-H curves are experimentally obtained
over a wide range of dc-bias and a broad frequency range (10 kHz–100 kHz).
Iron losses are identified from measurements on fully assembled stators us-
ing a novel technique, thus inherently incorporating manufacturing influence.
The work in [Paper II] completes the model developed in [Paper I] and
enables full loss separation capability in slotless PM machinery.

• A novel design method for low-speed sensorless control of slotless PM motors
is presented in [Paper III]. Magnetic anisotropy is created by the addition
of a short-circuit rotor-ring. The experimental results show that the steady-
state estimation error is within ±2◦, practically unaffected by the current
level (in contrast to conventional, slotted self-sensing machinery) due to the
large effective air gap. Also parasitic effects such as power losses, heating and
torque ripple are analyzed.

• A compact wide-bandgap inverter for high speed machinery is designed and
experimentally evaluated in [Paper IV]. A novel, slotless motor-type is also
presented. The paper demonstrates that inverter losses and system weight
can be halved by utilizing wide-bandgap transistors instead of conventional
silicon-based counterparts.

• In [Paper V], a computationally efficient thermal model for slotless PM
motors is developed. By using homogenization techniques of the bearings
and the winding, a 2-dimensional axi-symmetric representation of the motor
is enabled. Harmonic losses are incorporated by combining the models in
[Paper I] and [Paper II]. The influence of inverter configuration and air
gap length in the PM motor are analyzed from the perspective of power
losses and thermal behavior.
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1.5 List of Publications

The author of the present thesis has contributed with the major parts of [Paper I]–
[Paper VII] and [Paper IX]. This includes proposals of fundamental concepts,
simulations, experimental evaluation, and preparation of the manuscripts. The
co-authors have contributed with valuable inputs in the form of useful ideas and
comments, as well as proof-reading of the manuscripts. [Paper VIII] originates
from a master thesis project, co-supervised by the author of this thesis.

Journal publications:

I. J. Millinger, O. Wallmark, and J. Soulard, “Investigation of Harmonic
Losses in a 2-Pole Slotless Permanent-Magnet Motor due to Wide Band-Gap
Inverter Supply,” accepted for publication in IEEE Transactions on Industrial
Electronics, 2019.

II. J. Millinger, O. Wallmark, and J. Soulard, “High-Frequency Characteriza-
tion of Losses in Fully Assembled Stators of Slotless PM Motors,” in IEEE
Transactions on Industry Applications, vol. 54, n. 3, pp. 2265–2275, May
2018.

III. J. Millinger, G. Bacco, V. Manzolini, O. Wallmark, and N. Bianchi, “De-
sign and Evaluation of a Short-Circuit Rotor-Ring for Enhanced Self-Sensing
Capability in a Slotless PM Motor,” accepted for publication in IEEE Trans-
actions on Industrial Electronics, vol. 67, n. 5, pp. 3462–3471, May 2020.

Conference publications:

IV. J. Millinger, O. Wallmark, and J. Soulard, “Possibilities and Limitations
of Wide Bandgap Transistors in High-Speed Electric Drives,” in Proc. 21st
European Conference on Power Electronics and Applications (EPE’19), Sept.
2019.

V. J. Millinger, O. Wallmark, and J. Soulard, “Thermal Modeling of Slotless
PM Motor for Industrial Hand Tools,” in Proc. 2018 23rd International
Conference on Electrical Machines (ICEM’18), Sept. 2018.

1.6 Related Publications

The publications below are related in interest, but not included in this thesis:

VI. J. Millinger, O. Wallmark, and J. Soulard, “Influence of Lamination Thick-
ness on Harmonic Losses in 2-pole Slotless Permanent-Magnet Motors,” in
Proc. 11th International Electric Machines and Drives Conference (IEMDC’17),
May 2017.
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VII. J. Millinger, O. Wallmark, and J. Soulard, “Influence of Shaft Relative
Permeability on Rotor Losses in 2-pole Slotless High-Speed Motor,” in Proc.
22nd International Conference on Electrical Machines (ICEM’16), Sept. 2016.

VIII. A. Garcia Gonzalez, J. Millinger, and J. Soulard, “Magnet Losses in Inverter-
Fed Two-Pole PM Machines,” in Proc. 22nd International Conference on
Electrical Machines (ICEM’16), Sept. 2016.

IX. J. Millinger and J. Soulard, “Energy-Efficiency of Electrical Machine and
Drive with SiC Transistors (2015-03073),” in Tech. Report, Swedish Energy
Agency, June 2016.





Chapter 2

History of Electrical Machinery

Utilization of electrical energy as a cornerstone in everyday life has evolved only
over the last 150 years. This chapter provides a very brief historical background to
the modern, variable-speed electric drive, comprising an electric motor connected to
an electronic power converter. Key historical events have been summarized in the
time-line shown in Figure 2.1, with prevailing state-of-the-art technologies marked
in bold. The time-line illustrates that significant changes are possible within only
a few decades. Even though breakthrough inventions are often accredited the main
merit, it is the continuous refinement (often lasting several decades) that enables
commercial competitiveness of new technologies. It is the opinion of the author that
the recent emerge of wide-bandgap power semiconductors will improve efficiency and
robustness of electric motor drives, and significantly widen the utility of electrical
machinery thanks to lighter systems with a higher temperature withstand.

2.1 Early Landmarks

The link between electricity and magnetism is considered to have been discovered
in 1820 by Ørsted while observing the effect of a current-carrying conductor on
a nearby compass needle [8]. Subsequently, a completely new research field was
established: electromagnetism. The following decades of intense research [9] were
put in mathematical form by James Clerk Maxwell in 1865 [10], today known as
Maxwell’s equations and considered a cornerstone within electromagnetism, simi-
lar to Newton’s laws of motion within classical mechanics. The rapid industrial-
isation of the Western world was aided by the theoretical foundations and soon
yielded the first commercially successful electrical direct-current (dc) dynamos in
the early 1870s [11]. The main challenge of early dc-machinery was the ability to
adapt the rotor excitation to the angular position, i.e., commutation, in order to
create a smooth output torque. Mechanical commutators provide an electrical con-
nection between the rotor windings and an external circuit via a sliding contact,
often causing sparks and requiring maintenance. Dc-power also suffered from high

7
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Figure 2.1: Time-line for the history of electric drives.

power losses at long-distance transmission. Alternating current (ac) power, on the
contrary, enabled long-distance power transmission via transformers which also re-
sulted in the development of the commutatorless ac machine in the later part of the
1880s [12, 13]. In 1887, Nikola Tesla filed a patent for a multi-phase ac induction
machine [14]. Following its successful commercialization in 1892 by Westinghouse,
it soon gained reputation due to its low cost, high efficiency and reliable, commu-
tatorless rotor excitation [15,16]. Ac-systems soon outcompeted dc-systems due to
their lower cost, mainly related to the lower amount of needed copper wire [17–19].

However, the usefulness of early ac-machinery was limited to mainly constant-
speed loads due to the fixed frequency of electrical grids [20]. Instead, cascaded
connection of several ac and dc-machines in different configurations, such as the
Ward-Leonard system, were the most commonly deployed methods for achieving
variable-speed control in the early 1900s [21,22]. Within ac induction machines, the
most common methods were based on external control of the rotor excitation via
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slip-rings or commutators [23,24]. Nevertheless, all of the available methods during
this early era were often considered unstable and either complex or inefficient [25],
and therefore predominantly restricted to small motors with special process critical
load requirements.

2.2 Power Electronic Converters

Even though ac power grids became standard in the early 1900s, many existing
motor loads were still of dc type and kept growing in numbers due to their simpler
speed controllability [11, 26]. Subsequently, a method for conversion from ac to
dc-power was required. The most effective means for such conversion in this era
was the electromechanical so called rotary converter. The rotary converter was a
single machine that combined the functions of motor and generator and thereby
enabled significantly higher efficiencies than a motor-generator set [27,28].

Mercury-Vapour Devices
In 1901, the mercury-vapour rectifier was developed from the mercury lamp, en-
abling electronic ac to dc power conversion [22]. By the 1920s, mercury-vapour
rectifiers were sufficiently developed for replacing the conventional rotary convert-
ers and they became state of the art within power applications [29].

In 1913, Langmuir found that the reverse conduction of a mercury-vapour rec-
tifier could be controlled by an external voltage [30]. The discovery encouraged
several new controllable mercury-vapour rectifiers during the 1920s, such as the
Ignitron and the Thyratron [23,31], which became common during the 1930s.

The possibility of controlling rectifiers opened up the idea for electronic ac-power
conversion, which gave uprise to several attempts of converting dc to ac power [32].
Soon, the first electronically commutated variable-speed ac-machinery appeared in
the early 1930s [33], but the complex control requirements, slow recovery-time, poor
reliability, and sensitivity to ambient temperature and vibration of mercury-vapour
valves limited any widespread implementation [22,30].

Solid State Devices
Following the invention of the transistor in 1947, the revolutionary silicon-controlled
rectifier (SCR), or thyristor (solid state thyratron), was developed in 1957 [34] and
commercially introduced in 1958 by General Electric [35]. In the 1960s, silicon-
based semiconductor devices, such as bipolar transistors and thyristors, became
attractive alternatives to their mercury-arc based counterparts [36]. The prevalent
volts-per-hertz control method during the 1970s provided fairly simple open-loop
speed control capability of ac-machinery using pulse width modulation (PWM) [37],
but had poor dynamic response compared to controlled dc motors [38]. Further-
more, the low switching frequency of the available semiconductor devices in the
1970s generated significant amounts of undesired additional losses and parasitic
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torques [39–41]. Subsequently, harmonic mitigation techniques [42–45] as well as
analytical methods for prediction of the parasitic effects [46–49] received consider-
able attention in the following years. Altogether the poor dynamic control response,
slow switching frequencies, and complex drive and control circuitry significantly
limited the usefulness of speed-controlled induction machine ac-drives.

2.3 Variable Speed AC Drives

The introduction of field-oriented motor control (first presented by Blaschke in
1971 [50]) revolutionized the dynamic control capability of ac induction-machinery.
It utilized a moving reference frame developed in the late 1920s [51–53] with ana-
logue signal transformation blocks in order to simplify the representation of ac-
machinery to that of a static, easily controlled dc-machine. However, the complex
analogue signal processing methods limited their applications to mainly academia
at this stage [38, 54]. Meanwhile, advances within microprocessor technology in
the 1970s [55] took off in a rapid pace [56], enabling complex control functions
to be implemented by software instead of hardware. Subsequently, the first field-
oriented microprocessor-controlled induction machines were developed in the early
1980s [57–60].

The next milestone was the invention of the insulated-gate bipolar transistor
(IGBT) in 1983 and its commercialization in 1985 [61]. While the thyristor tech-
nology offered switching frequencies of a few hundred Hz and required complex
commutation circuitry, IGBTs were easily commutated which enabled switching
frequencies in the kHz-range or even up to a few tens of kHz [62]. Following the in-
vention of the IGBT, the increasing availability of cost-efficient microprocessors and
advances within PWM techniques [60, 63, 64] started the spread of high-dynamic
and efficient variable-speed three-phase induction machinery [24].

Three-phase systems early became dominant within power transmission due to
their high power transfer capability in comparison to one and two-phase systems
(no neutral line is required in a symmetrical three-phase system). Therefore, three-
phase solutions have become world standard also within electrical machinery. A
typical motor drive is displayed in Figure 2.2, comprising of a 2-level 3-phase con-
verter. Even though multilevel converter topologies have gained interest in recent
years due to their higher power quality (i.e., lower harmonic distortion) [65,66], the
2-level converter remains the number one choice within motor drives owing to its
simplicity and robustness.

2.4 Modulation Techniques

Several modulation methods are available for the synthesis of the converter’s output
voltage. The methods can be subdivided into two main tracks: pulse position
modulation (PPM), and pulse width modulation (PWM) [67].
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Figure 2.2: Conventional 2-level 3-phase drive.

Pulse Position Modulation

PPM modulation requires complex pre-calculation of the switching angles in or-
der to control the amplitude of selected harmonic components. The PPM method
can be used for harmonic elimination (HE) and harmonic minimization (HM). The
HE technique eliminates selected harmonics [43] and is particularly suitable in sys-
tems with low switching frequencies for minimizing undesired low-order harmonics
and the associated torque pulsations, audible noise and heating. However, the
HE method only redistributes the spectral energy from lower order harmonics to
the first existing one (see Figure 2.3), which is not ideal from the total harmonic
distortion (THD) point of view [68].

The HM technique, on the other hand, calculates the switching angles so as to
minimize the THD [45]. The main drawback of PPM methods is the requirement for
programming of the microprocessor via lookup-tables, which adds to the complexity.

Pulse Width Modulation

The second, PWM modulation category, deploys simple duty cycle variation of
the switches in order to generate a desired fundamental waveform. Their ease of
implementation and low computational burden have made them a popular choice
within variable-speed motor-drives. The PWM method can be used for control of
the phase currents (i.e., hysteresis band PWM), or the phase voltages (i.e., regular
sampled PWM).

Hysteresis band PWM compares the current in each phase with their respective
reference waveforms and maintains it within a pre-determined tolerance band. It
is a fast and computationally efficient way to control the magnitude of the current
ripple, but requires over-sampling of the currents which adds to the complexity.
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Furthermore, since the switching pattern is determined by the current magnitude,
the output spectrum is typically spread and includes low-order harmonics [69],
causing undesired torque pulsations, audible noise and heating.

The regular sampled (RS) PWM technique, instead, generates the desired ref-
erence voltage so as to output the time-average value of the reference signal within
a certain sampling period. In contrast to hysteresis band PWM, the RS method
produces a predictable output spectrum [70]. As can be seen in Figure 2.3, the
RS PWM method generates harmonic subgroups located around multiples of the
switching frequency. A survey of modulation techniques is provided in [68], showing
that RS techniques generally exhibit lower THD than HE methods, and are not far
off the ideal HM methods.

Subsequently, the ease of implementation, flexibility and low THD of RS meth-
ods result in a favorable trade-off between power quality and computational burden,
which makes it a popular modulation technique for variable speed drives.

Figure 2.3: Comparison of two modulation techniques for p = f0/fsw = 11: a)-b)
Harmonic elimination PWM; c)-d) Regular sampled PWM.



2.5. PERMANENT MAGNET SYNCHRONOUS MOTORS 13

2.5 Permanent Magnet Synchronous Motors

Several rare-earth permanent magnet compounds were discovered during the 1970s
and early 1980s [71,72]. The powerful Nd2Fe14B Neodymium-Iron-Boron alloy was
invented in 1984 [73]. Such compounds could significantly reduce the size and
losses of electrical machinery [74–77] and opened up a research field for several new
applications.

2.6 Recent Advances: Wide-Bandgap Semiconductors

Wide-bandgap materials such as silicon carbide (SiC) and gallium nitride (GaN)
offer superior material properties (see Table 2.1), enabling lower switching and
conduction losses as well as higher temperature withstand than their conventional
silicon based counterparts [78]. They not only enable operation at higher temper-
atures, but also a smaller drive unit can be realized due to a simpler circuitry and
lower losses.

Si SiC GaN
Bandgap energy [eV] 1.124 3.23 3.39
Electron mobility [cm2/(V · s)] 1420 1000 <1000
Breakdown Electric field [MV/cm2] 0.2 2 >3
Electron saturation velocity [cm/s] 1.05 · 107 2 · 107 2.5 · 107

Thermal conductivity [W/(m ·K)] 130 370 150

Table 2.1: Semiconductor material properties at 300 K [79].

The typical electric motor drive of today composes of two separate units: a
power electronics box and a motor module. Increasing demands on higher effi-
ciency and smaller systems have emphasized the development of integral motor
drives (IMDs), in which the motor and power electronics share the same enclo-
sure [7]. By eliminating separate enclosures and long motor cables, the system cost
can be reduced with 20-40 % [80]. Furthermore, elimination of the motor cable
significantly reduces the risk for electromagnetic interference (EMI) and thereby
enables elimination of the EMI-filter which increases the system reliability. Other
advantages include improved manufacturability and testing due to the single pack-
age, as well as lower losses [81]. However, one of the main challenges of an IMD
is the thermal management. Conventional silicon-based power semiconductors are
limited to 125 − 150◦C while electric motors can be rated at 155 − 220◦C. The
system is then thermally limited by its weakest link, i.e., the inverter.

Even though the temperature rating of currently available wide-bandgap com-
ponents (around 175◦C) are far from their potential rating (500− 600◦C), it is the
opinion of the author that the future choice of semiconductor packaging materials
will increase the temperature rating beyond 200◦C in the future [82,83].
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2.7 Summary of Chapter

This chapter contains a very brief historical overview of electrical machinery, cov-
ering the relatively short period from the dawn of electromagnetism until today’s
microprocessor-controlled variable-speed drives. The intention is mainly to put the
recent emerge of wide-bandgap devices into a larger context, thereby enhancing the
possibilities of foreseeing future development trends. Even though each new tech-
nology comes with a higher initial investment cost than the concurrent prevailing
ones, the continuous advances eventually make them competitive. It is the opinion
of the author that wide-bandgap devices are experiencing a broad breakthrough.
The next chapter presents the investigated application: the industrial nutrunner.



Chapter 3

The Industrial Nutrunner

This chapter introduces the investigated application: the industrial nutrunner, used
for tightening of bolted joints within series manufacturing. It provides the necessary
background to the following chapters, which introduce the academic contributions in
this thesis. A typical system of today is described, and recent manufacturing trends
are analyzed.

3.1 Background

Bolted joints belong to the most fundamental elements within construction and
machine design. They are widely used within series assembly of for example white
goods, aeronautic and automotive vehicles. More than 96 million cars, trucks and
buses were produced worldwide during 2018 [84]. Each vehicle contains thousands
of screws and bolts that need to be accurately tightened. Currently, pneumatic
wrenches play an important role within series assembly lines. However, the fail-
ure of the complete product can be caused by a single bolt. Surveys in the USA
show that 23 % of car service problems are related to loosing fasteners [85], often
related to a poor assembly process. Therefore, accurate electrical nutrunners are
gaining popularity. Beside an increased quality of manufacturing, optimal tighten-
ing techniques in combination with lightweight screw joints can reduce the weight
of passenger cars by around 30 kg and of heavy trucks by up to 200 kg [86]. Tak-
ing into account the large amount of vehicles worldwide, such a transition could
save significant amounts of fossil fuel. Furthermore, a transition from pneumatic
systems towards electrical ones could also save significant amounts of electrical
energy within the manufacturing industry. Compressed air applications have an
efficiency in the range 2–20% [87], typically below 10 % [88]. Electrically powered
motor drive applications have an efficiency in the range 30-90 %, typically around
50 % [1]. Thus, significant energy savings can be expected from such a transition.

15
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Modern assembly lines within the automotive industry are still relying on man-
ual labour to a large extent. Therefore, assembly tools have to be lightweight,
ergonomic, and sufficiently cool to ensure human operator handling without burn
risk. A typical handheld nutrunner is displayed in Figure 3.1. Modern manu-
facturing trends strive towards agile and automated assembly lines. Due to their
flexibility, battery-fed assembly tools are increasing in popularity within the lower
torque range. However, the number of annual installations of industrial robots more
than doubled during the period 2013–2018 [89], meaning that industrial robots are
rapidly increasing in numbers within industry. A robot-fixtured automated nu-
trunner system is shown in Figure 3.2. Such systems are often more suited to grid
connection due to their fixtured assembly, demands on low maintenance, and often
higher performance requirements.

a)

b)

Figure 3.1: Typical corded handheld industrial nutrunner system: a) converter; b)
nutrunner [90].
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a)

b)

Figure 3.2: Fixtured industrial nutrunner system: a) converters; b) spindles [90].

A typical bolted joint and its associated load profile is shown in Figure 3.3.
The load profile comprises of a high-speed rundown at low torque, followed by a
low-speed tightening until the target torque is reached.
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Figure 3.3: a) bolted joint; b) typical load cycle.

By combining a high speed motor with a suitable high gear-ratio gearbox, the
torque required from the motor can be reduced and, thus, the total weight of the
motor-gear unit can be minimized. A significant share of the speed-related losses in
conventional slotted motors are core-losses due to slotting harmonics. Furthermore,
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the stator teeth tend to saturate which can introduce torque ripple and a non-linear
current versus torque relationship. To overcome these issues, an alternative is to
use a slotless motor design.

3.2 The Slotless PM Motor

A slotless motor design was proposed already in the early 1970s in the UK for
turbine generators, but never gained commercial success [91–95]. However, the
discovery of powerful permanent-magnet (PM) alloys such as the neodymium-iron
boron (NdFeB) and samarium cobolt (SmCo) compounds re-awakened the interest
in the slotless motor design during the 1980s [96]. A slotless PM motor cross-
section is compared with a slotted counterpart in Figure 3.4. The slotless config-
uration typically requires more PM material in order to achieve the same levels
of magnetic flux densities. Slotless PM motors have gained considerable atten-

N

S

Steel

N

S

a) b)

Conventional slot winding Airgap winding

Figure 3.4: a) Conventional slotted 2-pole PM machine; b) Slotless PM machine.

tion within research and development activities targeting high-speed direct-drives
and high power-density applications such as turbine generators, compressors, fly-
wheels, industrial hand tools, gas turbines, and aerospace applications [97–106].
One commercially successful application of the slotless PM motor is the nutrun-
ner system displayed in Figure 3.1. The absence of slots enables low core losses
and thereby high rotational speeds, which in combination with a high gear-ratio
results in a lightweight, ergonomic tool. The linear, ripple-free torque versus cur-
rent relationship [107] ensures a superior torque quality as well as torque overload
capability, which is necessary during fast dynamic load changes. The investigated
slotless PM motor cross-section is displayed in Figure 3.5 for zero d and q-axis cur-
rent (id = iq = 0 A), with key data summarized in Table 3.1. For a more detailed
description of the investigated, commercially available motor including detailed mo-
tor data, see [Paper I]. Typical cycle losses, and a detailed categorization of their
respective origin, is provided in [Paper V].
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Figure 3.5: Cross section of the investi-
gated slotless PM motor at standstill.

Table 3.1: Motor data.
Number of poles 2
Active length 65 mm
Max speed 36 000 rpm
Max torque 1.2 Nm
Nominal voltage 230 VRMS
Peak current 20 A
Peak output power 4.5 kW

3.3 Summary of Chapter

This chapter has introduced the industrial nutrunner application. The load require-
ments have been described, and the many benefits of choosing a slotless permanent-
magnet motor have been justified. Manufacturing trends within the series assembly
industry, and emerging customer demands within power tools have also been briefly
covered. It provides necessary background to the following chapter which intro-
duces the topic harmonic losses in inverter-fed slotless permanent magnet motors,
and emphasizes the need for an accurate model for harmonic losses in the design of
compact, wide-bandgap based, nutrunner systems.





Chapter 4

Harmonic Losses in Slotless PM
Motors

This chapter serves as an introduction to [Paper I] and [Paper II] by defin-
ing harmonic losses in slotless PMSMs, describing the fundamental harmonic loss
mechanisms, and outlining how these losses can be modeled.

4.1 Background

As explained in Section 3.2, slotless PM machinery plays an important role in high-
speed direct drive and high power-density applications, such as turbomachinery,
compressors, medical equipment, aerospace applications and industrial power tools.
Such applications often require advanced motor control, which is typically provided
by a pulse-width modulated (PWM) power-electronic converter. Unfortunately,
the converter output voltage not only contains the desired fundamental voltage,
but also a set of undesired high-frequency harmonics. These harmonics add to the
heating of the motor, with reduced performance as a consequence. They cause
losses in every conductive part of the machine, but rotor losses are considered
more challenging due to poor heat transfer across the air gap and winding section
of slotless machines [102]. Apart from reduced performance, an elevated rotor
temperature can introduce a serious risk for demagnetization of the rotor magnets,
and bearing failure. The high demands on rotor dynamics limit the possibilities
for rotor segmentation which is the typical measure to counteract harmonic losses.
The conventional solution is to add a large and heavy inductive filter in order to
suppress these harmonics, which increases cost and complexity.

However, the recent emerge of wide-bandgap power transistors has enabled con-
siderably higher switching frequencies than their conventional silicon-based coun-
terparts. This leads to reduced harmonic power losses, which may enable a smaller
filter, or its complete elimination. In order to optimize motor-systems using wide-
bandgap technology, accurate models for harmonic losses are required at the de-

21
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sign stage. This chapter describes the development of a computationally efficient
harmonic loss model for slotless PM motors, taking into account saturation, high
frequency field displacement and minor loop behavior.

The typical converter of today, shown in Figure 3.1a), rectifies the grid volt-
age and feeds the motor with a 2-level PWM voltage according to the schematic
overview in Figure 2.2. The sub-components involved in the conversion chain are
displayed in Figure 4.1. As can be seen, an inductive filter is used to suppress the
harmonic currents fed to the motor.

DC-bus
Inverter

Filter
Motor

vab

t

Power

Figure 4.1: Motor-drive system overview.

The harmonic currents appear as a side-effect of the PWM-process. The out-
put voltage spectrum of a 2-level PWM-signal at a modulation index of M=0.8 is
displayed in Figure 4.2, showing sideband groups around multiples of the switching
frequency. Next, the harmonic loss fundamentals are reviewed.

Figure 4.2: Regular sampled pulse-width modulated (PWM) signal.
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4.2 Fundamentals

Harmonic losses Pharm. = Pc+Pe+Ph occur in every conductive part of the machine
and contribute to the heating. The losses can be subdivided into:

• Conduction losses: Pc

• Eddy current losses Pe

• Hysteresis losses Ph

Conduction Losses
Conduction losses take place in the motor windings and depend on the RMS-current
level IRMS:

Pc = 3Rphase × I2
RMS (4.1)

where Rphase is the motor phase resistance. Skin and proximity effects increases the
ac-resistance of the conductors due to displacement of the current density distribu-
tion [108]. Utilization of transposed multi-strand litz-wires can efficiently counter-
act the increase in ac-resistance.

Eddy-Current Losses
Eddy currents take place in every conductive piece of the machine that is exposed
to an alternating magnetic flux (i.e., all metal parts in the motor, including even
the rotor nuts). The eddy currents in a solid core subjected to an alternating
magnetic flux density of amplitude BAC are illustrated in Figure 4.3a). Eddy-
current losses can be mitigated by laminating the core as depicted in Figure 4.3b),
which increases the effective eddy-current resistance. Displacement of the current
density distribution takes place also for eddy-currents as the frequency increases
[108].

BAC BAC

a) b)

Figure 4.3: Eddy-currents in a) a solid; and b) a laminated core subjected to an
alternating magnetic flux.
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Hysteresis Losses
The behavior of hysteresis can be seen upon as a magnetization friction or inertia
(i.e., a reluctance to change in state of magnetization) which causes losses during
the magnetization process of soft magnetic materials [108]. Subsequently, hysteresis
losses take place in rotor shaft and the magnetic core of the motor. The associated
losses are proportional to the area of their specific B-H curve. As can be seen in
Figure 4.4, the silicon-based steel used in the stator yoke has significantly lower
hysteresis losses than the carbon steel in the shaft.
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Figure 4.4: Experimental hysteresis curves of two common steels (obtained by the
author).

However, harmonics that are superimposed on a fundamental waveform follow a
different B-H relationship than the fundamental main loop. These harmonics result
in so-called minor loops. The behavior of minor loops depend on their position in
the main loop, i.e., the dc-bias level. Their characterization is important for deter-
mining the harmonic behavior (i.e., inductance and power losses) of the machine.
The minor loops of the carbon steel have been characterized by the author over a
broad range of dc-bias and are displayed in Figure 4.4. [Paper I] deals with the
characterization and modeling of the carbon steel shaft, while [Paper II] deals with
the characterization of the silicon-steel stator core. As depicted in Figure 4.5, minor
loops have a near linear behavior. Subsequently, a DC-bias dependent minor-loop
permeability has been adopted for modeling of the harmonic field distribution and
the subsequent loss modeling, presented in the following section.
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Figure 4.5: Experimental hysteresis curve of NO20 silicon steel (obtained by the
author).
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4.3 Harmonic Loss Modeling

Figure 4.6 shows a section of the investigated slotless PM motor. The stator core
constitutes a stack of axially segmented ring-shaped silicon-steel sheets, forming
a cylinder. The stator core internally carries a three-phase overlapping copper
winding made of litz-wire. The rotor comprises of a carbon steel shaft which carries
a set of axially segmented, ring-shaped 2-pole permanent magnets. An air gap
separates the rotor and the stator.

(SiFe laminations)

(carbon-steel)

Magnet segment

(copper strands)
Winding

Shaft

(NdFeB)

Stator core

Figure 4.6: Motor sub-components.

The fine stator lamination efficiently suppresses eddy-current losses. Subse-
quently, the main eddy-current losses are expected to occur in the rotor, according
to the sketched current paths in Figure 4.7. The stator can be modeled using
2-dimensional finite element software, deploying computationally efficient homog-
enization methods [109]. Moreover, the large length-to-diameter ratio of the solid
rotor shaft also suggests 2-dimensional finite element modeling, i.e., the shaft end-
effects can be neglected.

However, the geometry of the rotor permanent magnets demands 3-dimensional
finite element modeling due to the significant end-effects inside each magnet [Pa-
per I]. Under the assumption that the influence of the end-windings can be ne-
glected, and taking into account the axial symmetry in the mid-plane of each mag-
net, only an axial length corresponding to half a magnet segment requires consid-
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Figure 4.7: Axial cross-section.

eration (see the region highlighted in blue in Figure 4.7).
As demonstrated in [Paper I], the negligible amount of space harmonics from

the overlapping slotless three-phase winding in combination with the large air gap
enables small-signal decomposition of each harmonic component into equivalent
pulsating ones from a rotor loss point of view. Utilization of a pulsating input gives
uprise to a quarter symmetry reduction of the model, which reduces the required
computational time. In order to predict the high-frequency field distribution, taking
into account saturation (due to the permanent magnets) and field displacement, the
frozen complex permeability method is deployed [108,110].

The simulation flowchart is presented in Figure 4.8. Step 1 is the initial dc-
simulation in order to determine the dc-bias flux density distribution. Step 2 is
carried out to determine the small-signal frozen permeability map, which enables
the harmonic loss simulation in Step 3, using an equivalent pulsating input. [Pa-
per I] describes the complete harmonic loss model and its experimental validation
for a wide range of magnet thicknesses. The rotor eddy-currents (see Figure 4.9)
and their associated losses are numerically determined using finite element software.
Stator losses are determined by combining the analytical winding loss model with
the empirical stator core loss model, obtained via experimental characterization
and presented in [Paper II]. The predicted and measured harmonic power loss
spectrums at 20 and 40 kHz switching frequency are shown in Figure 4.10.
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Figure 4.8: Simulation flowchart.

4.4 Summary of Chapter

In this chapter, fundamental concepts for harmonic loss types have been intro-
duced, serving as a background to [Paper I] and [Paper II]. The significance
of an accurate model for harmonic losses in inverter-fed electric motors has been
emphasized from a system design perspective. A step-by-step overview of the devel-
oped, computationally efficient numerical model, is also provided. The possibility
to accurately predict harmonic losses, including loss separation, enables full utiliza-
tion of wide-bandgap technology in PM motor drives during the design stage. As
presented in [Paper I], wide-bandgap devices can effectively contribute to elimi-
nate the inductive filter in slotless motor drives. During the process of [Paper I],
an idea regarding utilization of harmonic saliency effects for sensorless control of
slotless PM machines emerged. Therefore, the following chapter introduces a novel
sensorless control method for slotless permanent-magnet machinery which is intro-
duced in the following chapter and further explained in [Paper III].
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Figure 4.9: Rotor eddy current patterns

Figure 4.10: No-load harmonic power spectrums at a) fsw=20 kHz; b) fsw=40 kHz
for a rotor with magnets having an axial thickness of 4.5 mm magnets.





Chapter 5

Sensorless Control of Slotless PM
Motors

This chapter is based on [Paper III] and introduces the field of sensorless control
in synchronous PM machinery.

5.1 Background

Accurate control of an ac-motor requires knowledge of the rotor position and speed.
This is typically achieved by using a mechanical position sensor, mounted at the end
of the rotor shaft (see Figure 5.1). However, there has been a recent general ongoing
trend towards elimination of the position sensor, opting for increased robustness
and reliability, lower cost and smaller size [111].

Stator yoke

Winding

Magnets
Shaft

Bearing

Bolt
Sensor magnet

Se
ns
or

PC
B

Position sensor

Figure 5.1: Axial cross-section of the slotless PMSM, showing the position sensor

There are essentially two main methods for sensorless control of ac-machinery:
the back-EMF based method, and the signal-injection method [112]. The back-
EMF method, on the one hand, relies on the fact that a moving rotor induces a
voltage in the stator windings. However, since the back-EMF is proportional to the
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speed of the rotor, the information vanishes in the low-speed and near standstill
region, leading to poor control capability [113].

The signal-injection method, on the other hand, requires rotor anisotrophy and
utilizes injection of a high-frequency signal into the stator windings to determine
the rotor position [114]. It enables control capability in the low- and near standstill
speed region, which is a fundamental requirement for accurate tightening of bolted
joints. The rotor anisotropy causes a position dependent inductance (saliency),
which enables rotor position detection by analysis of the current amplitudes result-
ing from an ac-signal injection. The saliency has to be sufficently large to enable
sensorless control. Some common control issues include deteriorating control ca-
pability under loaded conditions (due to saturation), audible noise and increased
losses. The audible noise and losses associated to the signal injection can often be
reduced by increasing the frequency of the injected signal, at the expense of lower
current amplitudes.

Many motor types, such as the interior and surface-inset PM motors, exhibit a
saliency based on rotor geometry. Unfortunately, surface-mounted PM motors such
as the one under investigation, exhibit negligible saliency based on rotor structure.
The anisotropy of such motors can be enhanced by deploying a short-circuit ro-
tor winding, enabling high-frequency saliency [115]. Compared to conventional
slotted machinery, the slotless motor type has several advantages, including neg-
ligible amounts of space harmonics (due to the absence of slots) and very limited
saturation effects (due to the large effective air gap) [107]. Furthermore, the in-
herently low inductance of slotless machines improves the signal-to-noise ratio and
thereby the accuracy. Therefore, the unique design and evaluation of a short-circuit
rotor-ring for sensorless control of a slotless PM motor has been conducted. The
following sections describe the development and experimental evaluation of a PM
motor prototype with sensorless control capability in the full speed range.

5.2 Sensorless PM Motor Prototype

As previously described, the possibility for sensorless position detection of intrin-
sically non-salient motor types, can be enhanced by adding a short-circuited rotor
winding. The recent emergence of wide-bandgap transistors enables elimination
of inductive filters in slotless PM motor drives [Paper I]. By removing major,
dominant sources of impedance (such as the inductive filter), so that the system
impedance is predominantly determined by the motor, the threshold (i.e., level of re-
quired motor saliency) for successful, sensorless motor control using signal-injection,
is reduced. Furthermore, the higher signal frequencies (enabled by wide-bandgap
technology) can reduce power losses, audible noise, and the dynamic speed of the
tracking algorithm.
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The axial cross-section of the investigated motor, equipped with the proposed
rotor-ring, is shown in Figure 5.2.
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δring
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Figure 5.2: Axial cross-section of a) The slotless motor (ia,b,c = 0A, i.e., field lines
only due to rotor PMs); b) The proposed rotor structure.

A 2D small-signal simulation of the rotor-ring is displayed in Figure 5.3 for
d and q-axis oriented AC current. At sufficiently high frequencies, the currents
induced in the short-circuit rotor winding counteract the magnetic flux from the
ac-signal injected in the stator windings. As can be seen, high-frequency q-axis flux
is practically unaffected, while a d-axis flux is opposed by the rotor-ring.
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Figure 5.3: Small-signal flux density distribution at 3125 Hz using the frozen per-
meability method for a) id,q(DC) = 0 A and iq(AC) = 1 A}; b) {id,q(DC) = 0 A and
id(AC)=1 A.
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The influence of ring dimensions on saliency and power losses were evaluated
by parametric numerical studies. The final choice rotor-ring design is shown in
Figure 5.4. The short-circuit rotor ring was fitted onto the rotor inside the existing
air gap of a commercially available machine. Using the rotor-ring, rotor position

a) b)

Figure 5.4: Rotor prototype for sensorless control of slotless a PM motor: a) before
assembly; b) after assembly.

detection can be realized via analysis of the resulting current amplitudes due to
a three-phase high-frequency AC-signal. Figure 5.5 shows the experimentally ob-
tained d and q-axis current response of the developed prototype while applying an
AC voltage of 20 V amplitude at 3125 Hz, i.e., 8 samples/period at fsw = 25 kHz.
As can be seen, the current is notably higher for d-axis oriented current. A saliency
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Figure 5.5: Inverter locked-rotor test at 3125 Hz (Ûh=20V).

ratio Zq/Zd of 1.45 is obtained.
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5.3 Sensorless Control Results

The sensorless control performance of the developed prototype was experimentally
evaluated by deploying the cascaded PI-controller with high-frequency (HF) signal
injection, depicted in Figure 5.8 and based on [114]. HPF and LPF denote high-
pass filter and low-pass filter, respectively. A detailed description of the control
algorithm is provided in [Paper III]. A thorough analysis of potential sources to
the angular estimation error was conducted. The estimation error was reduced by
shortening the dead-times and introducing compensation for the winding asym-
metries in the transformation process from stator to rotor reference frame. The
angular estimation error at 600 rpm at low (0.5 A) and high (8 A) current level is
displayed in Figure 5.6. The results show an estimation error below 2◦, practically
unaffected by the current level.
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Figure 5.6: Angular estimation error at 600 rpm using Ûh = 10 V.

The angular estimation error during a fast dynamic load change has also been
experimentally evaluated. The results (see Figure 5.7) show that a step response
from 3000 to 0 rpm is performed in less than 50 ms with negligible overshoot, ex-
hibiting an angular error below 5◦ throughout the complete process.
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Figure 5.7: Angular estimation error during step response for Ûh = 20 V.

5.4 Summary of Chapter

This chapter has provided an introduction to the novel sensorless control method
for slotless permanent-magnet motors presented in [Paper III]. In contrast to con-
ventional slotted machinery, the developed prototype exhibits negligible estimation
error due to saturation (thanks to the large effective air gap). The method is enabled
by a filter-less inverter topology. The next chapter introduces the development of
a filter-less wide-bandgap inverter.
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Chapter 6

Wide-Bandgap Inverter Design

This chapter is based on Paper IV and introduces the developed filter-less, compact
wide-bandgap inverter.

6.1 Background

The emergence of wide-bandgap devices has significantly improved the horizon
for successful integration of the converter and motor inside the same enclosure.
Inductive filters, which typically constitute a large share of the total converter
weight and volume, can now be made much smaller (or even eliminated) due to the
higher switching frequency capability. By integrating the converter inside the motor
module, the power electronics will be exposed to higher temperature levels. The
bottle-neck of conventional silicon-based integral motors is often the temperature
sensitivity of the power electronics, which ultimately limits the performance. Wide-
bandgap devices can eliminate this bottle-neck due to that they can withstand
significantly higher temperatures.

As demonstrated in [Paper I], the utilization of higher switching frequencies,
enabled by wide-bandgap technology, can effectively contribute to eliminate the
inductive filter in slotless drives. Typical issues of faster switching include an in-
creased risk for bearing failure due to bearing currents [116] and electromagnetic in-
terference (EMI) [5], as well as higher voltage stress on the motor winding [117,118].
Inverter-induced bearing current issues can be suppressed by using electrically in-
sulated bearings [116]. EMI issues and overvoltages at the motor terminals due to
voltage reflection [117] can be mitigated by shortening the motor cables as much
as possible, i.e., integration.

Faster switching also means shorter rise-times which increases the motor wind-
ing insulation stress on the first couple of winding turns [118]. Although the voltage
stress per turn is increased, levels should be far below destructive for the motor
under investigation [119]. Subsequently, the integrated motor drive is the natural
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choice in the strive for maximizing the potential benefits of wide-bandgap transis-
tors in motor drives.

The advantages of an integrated motor drive have been listed in Section 2.6 and
include lower cost, smaller total size, and a higher efficiency [7]. As a first step
towards realizing an integrated motor drive according to the suggested topology in
Figure 6.1b), a sufficiently compact wide-bandgap inverter is required. By using a
separate DC-bus and rectifier unit, the integrated motor drive modules can be kept
small while also maintaining the DC-bus capacitors within a reasonable temperature
range.
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a) b)

Figure 6.1: a) Reference nutrunner systems; b) Suggested integrated motor drive
nutrunner systems.

This work focuses on the development of an inverter for surface-mount inte-
gration. Its design is described in Section 6.2, and the experimental results are
presented in Section 6.3.
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6.2 Prototype Inverter

The developed inverter is shown in Figure 6.2. A single PCB design was chosen,
thus incorporating the digital signal processor (DSP) and communication interface
onboard. The switching frequency was set to 48 kHz in order to maintain the
levels of harmonic distortion below the level of the reference design. As a part
of complying with safety regulations, the high-voltage (HV) and low-voltage (LV)
sides of the PCB are separated by a 6.3 mm creepage distance, along the highlighted
red line in Figure 6.2.
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Figure 6.2: The developed prototype inverter.

Two candidates of 650 V wide-bandgap cascode-type power transistors, one SiC
and one GaN, were chosen (see Table 6.1). The choice of cascode type power tran-
sistors enables the utilization of conventional, commercially available gate drivers,
which simplifies the required gate-drive circuitry.

Table 6.1: Power transistor data.

Type Designation Package RDS,25 ◦C RθJC
GaN TPH3207WS TO247 35 mΩ 0.8W/◦C
SiC UF3C065030B3 D2PAK 30 mΩ 0.48W/◦C

Particular care has been taken for the gate-drive design. A phase-leg of the
inverter is displayed in Figure 6.3, with a brief description of the associated compo-
nents in Table 6.2. The PCB parasitics [120], including the gate-loop inductance,
were minimized during the PCB-layout by shortening traces, avoiding via holes and
deploying a solid ground-plane [121]. Oscillations in the MHz-range during turn-on
and turn-off [122] were suppressed by adding a ferrite-bead at the gate. Spurious
triggering due to cross-talk between two-switches in a phase-leg due to the parasitic,
capacitive coupling was counter-acted by the addition of a gate-source decoupling
capacitor [123]. The inverter design and experimental evaluation regarding energy
efficiency and radiated EMI, including both GaN and SiC transistors is described
in the following section.
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a)

b)

c)

d)
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Figure 6.3: Phase leg.

Table 6.2: Phase leg components.
Component Specification
a) Gate driver 8-24 V supply voltage
b) DC-link capacitor 2.2 uF, 450 VDC, X6S
c) Power transistors VDS = 650 V
d) Current transducer Irange = ±65 A

6.3 Inverter Evaluation

This section introduces the experimental evaluation of the developed wide-bandgap
inverter prototypes which is more extensively described in [Paper IV]. The proto-
type and the reference designs are illustrated in Figure 6.4. Note that the rectifier
part of the reference converter has been blurred in order make the comparison
with the developed, rectifier-less prototype, more correct. The reference (IGBT)
inverter adopts a switching frequency of 16 kHz, while the wide-bandgap prototypes
use 48 kHz due to the filter-less design.

The inverter power losses were measured while operating the slotless electric
motor. The typical motor operating conditions, corresponding to rundown and
tightening, were created by connection of the motor shaft to a variable-load eddy-
current brake. Losses during the tightening sequence were obtained by measuring
power losses in several steady-state operating points over a wide torque range at
8000 rpm motor speed, which is a typical tightening speed. The results are shown
in Figure 6.5. As can be seen, the developed prototypes reduce power losses by 40–
50 % compared to the reference design. Despite operation at significantly higher
switching frequencies, the inverter efficiency was increased from approximately 90
to 95 % under loaded conditions by using wide-bandgap technology.



6.4. SUMMARY OF CHAPTER 43

a)
b)

Figure 6.4: a) Reference (IGBT) converter (DC-bus and input filter blurred); b)
developed inverter prototype (SiC and GaN).
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Figure 6.5: Inverter load-test results.

6.4 Summary of Chapter

This chapter serves as a brief background to the developed, compact wide-bandgap
inverter design, described in more detail in [Paper IV]. System design as well as
layout considerations of the printed circuit-board have been briefly covered. The
following chapter concludes this thesis.





Chapter 7

Conclusions and Future Work

7.1 Conclusions

To summarize, this thesis presents a complete analysis of harmonic power losses
arising in inverter-fed slotless PM motors in [Paper I] and [Paper II]. Moreover,
a novel method for sensorless control of slotless PM motors, utilizing the effect of
rotor anisotropy (saliency) at sufficiently high frequency due to the addition of a
short-circuit rotor ring, is presented in [Paper III]. A wide-bandgap inverter has
been developed, and experimentally evaluated along with a conventional IGBT-
based counterpart in [Paper IV]. A computationally efficient thermal model for
slotless PM motors is presented in [Paper V]. More details are given below.

[Paper I] presents a complete analysis of harmonic losses arising in inverter-fed
2-pole slotless permanent-magnet machines with axially segmented ring magnets.
The developed three-dimensional time-efficient numerical model is successfully vali-
dated under high-speed no-load operation, using a silicon-carbide based three-phase
inverter. Rotors with four different magnet thicknesses in the range 3–12.6 mm are
experimentally evaluated for frequencies in the range 8–120 kHz. The developed
3D model not only enables loss separation, but also prediction capability of har-
monic losses within 15 % over the whole frequency range. The conducted sensitivity
analysis primarily emphasizes the importance of taking into account the axial seg-
mentation of magnets, and secondarily the rotor-shaft magneto-elasticity effects for
accurate modeling. Whereas 2D models overestimate losses with up to 240 %, the
magneto-elasticity affects loss modeling with up to 30 % at 10 kHz. The sensitivity
analysis also indicates an almost complete demagnetization in the radial direction
of the shaft (1 < µr,shaft < 2). The stator yoke polarization and magnet anisotropy
were found to have negligible impact on the modeling accuracy. The results val-
idate the approach of harmonic superposition under no-load operation and show
that rotor losses comprise 60–80 % of the total harmonic losses. Furthermore, the
conducted case study shows that harmonic losses can be reduced with two-thirds
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(from 27 W to 9 W) by deploying thinner magnets and 40 (instead of 8) kHz switch-
ing frequency, thus enabling usage of significantly smaller (or even elimination of)
motor filters.

[Paper II] presents the harmonic losses in three fully assembled stators with
different steel grade (NO10, NO20, and NO30) of a two-pole slotless permanent
magnet motor. The analysis covers a wide frequency range (10–100 kHz) at dif-
ferent levels of dc bias (up to Blam ≈ 1.6 T). For this purpose, the minor loop
B-H relationships were characterized under incrementally increasing dc bias. The
winding loss models necessary for separation of iron losses were successfully vali-
dated using an innovative method. Measured iron losses are twice as high at 10
kHz compared to Epstein test results. This emphasizes the need to incorporate
manufacturing influence on iron losses at high frequencies. At 10 kHz, iron losses
can be roughly halved by using NO10 instead of NO30. The same substitution at
100 kHz only results in a decrease with 30 %. The effect of dc bias was more signif-
icant at low than high frequencies. At 10 kHz, NO20 iron losses at ≈1.4 T dc bias
were 30 % higher than at ≈0.2 T. The proposed method enables fast and accurate
access to harmonic iron losses at high frequencies. It is not only of direct impor-
tance for validation of harmonic motor loss models, but also useful for studies on
manufacturing influence on iron losses. The developed models and acquired results
contribute to the authors strive for a complete harmonic loss model of inverter-fed
slotless motors.

[Paper III] presents a 2-pole slotless motor with self-sensing capability. Effec-
tive saliencies of up to 1.8 are demonstrated. The manufactured prototype exhibits
promising speed and position estimation performance. Utilizing the suggested com-
pensation scheme for winding asymmetry, the steady state estimation error is within
±2◦. The proposed observer also performs properly during dynamic load changes.
Fall-times are demonstrated from 3000 to 0 rpm in less than 50 ms with negligible
overshoot. In contrast to its slotted counterparts, the investigated slotless machine
exhibits negligible impair of position estimation with increased torque load. Ad-
ditionally, the ring losses and its thermal impact, as well as the torque ripple due
to signal injection were analyzed and successfully quantified. Future work includes
tests at full DC-bus voltage and torque load, as well as experimental evaluation of
the ring losses.

In [Paper IV], a wide-bandgap inverter is designed and experimentally eval-
uated along with a conventional IGBT-based system. The wide-bandgap inverter
switching frequency was set to 48 kHz in order to output equivalent levels of cur-
rent ripple as the filtered IGBT-based counterpart, switching at 16 kHz. Even
though the system losses during rundown increase by around 10 % when utilizing
the developed WBG-inverter (due to an increased level of harmonic losses), the
total system benefits from the lower tightening losses as well as the significantly
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reduced system weight. The GaN-based inverter performs slightly better than the
SiC-based one in the complete load range, despite its significantly higher on-state
resistance at elevated temperatures. Apart from a weight reduction by up to 50
% (due to elimination of the inductive filter and a smaller heatsink), the inverter
efficiency can be increased from approximately 90 to 95 % by using SiC/GaN-
transistors. Furthermore, it is found that the gear accounts for up to 50 % of the
system losses during rundown. Finally, by combining the wide-bandgap technology
with the 4-pole motor, system loss reductions of up to 30 % were achieved.

In [Paper V], a time-efficient steady-state thermal model for a slotless PM
motor is developed. The paper demonstrates the importance of motor manufac-
turing process control and inverter configuration, from a systems perspective. A
shorter air gap distance between the rotor and stator not only reduces total losses,
but also improves the critical rotor cooling, subsequently reducing the filtering re-
quirements. The influence of press and shrink fit, required for shortening the air
gap by ensuring a concentric assembly, has also been investigated. The paper has
shown that the filter can be eliminated by ensuring a concentric motor assembly
with minimal air gaps, and carefully considering the inverter configuration.

This thesis has demonstrated that wide-bandgap technology enables significant
material and energy savings in the design and operation of slotless PM motor drives,
resulting in lower environmental impact and increased sustainability. The advan-
tages include a significantly smaller inverter unit and an increased robustness due
to elimination of the mechanical position sensor. The primary academic contribu-
tion is the previously unprecedented harmonic loss model for slotless machinery,
required for optimization of slotless integrated motor drives using wide-bandgap
transistors. The work has also presented a unique method for sensorless control of
slotless machinery with very promising performance which further reduces the size
and increases the robustness of slotless motor drives. Finally, the developed wide-
bandgap inverter demonstrates that system weight as well as inverter losses can be
halved compared to the reference design which represent significant improvements.

7.2 Proposals for Future Work

Future work related to [Paper I] and [Paper II] includes the development of
analytical harmonic motor loss models, as well as modeling of the harmonic induc-
tance (taking into account the end-windings). Furthermore, analytical inverter loss
models are needed for accurate optimization of systems. The developed sensorless
control methodology in [Paper III] requires full-load tests, and experimental eval-
uation of power losses in the short-circuit rotor-ring. Regarding [Paper IV], future
work includes design of a slotless integrated PM motor drive, taking into account
EMI design considerations and optimization of blanking times, as well as long-term
reliability testing under elevated levels of temperature and vibration. The novel
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motor design presented in [Paper IV] requires further development considering
manufacturing aspects and harmonic loss modeling. Finally, the thermal model
developed in [Paper V] requires experimental evaluation.
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Abstract—The recent emerge of wide band-gap power
devices enables higher switching frequencies in electric
motor drives. The subsequent possibility for higher effi-
ciency and smaller size requires accurate prediction of har-
monic losses in motors. Therefore this paper presents an
original analysis of harmonic losses arising in inverter-fed
2-pole slotless permanent-magnet machines with axially
segmented ring magnets. The developed three-dimensional
time-efficient numerical model is successfully validated
under high-speed no-load operation using a silicon-carbide
based three-phase inverter and rotors carrying a broad
range of magnet segment thicknesses (3–12.6 mm). The
model enables harmonic loss prediction capability (includ-
ing loss separation) with an accuracy of 15 % over a wide
frequency range (8–120 kHz), which is a unique contri-
bution. The sensitivity analysis primarily emphasizes the
importance of taking into account the axial segmentation,
and secondarily the rotor-shaft magneto-elasticity effects
for accurate modeling of harmonic losses. The conducted
case-study demonstrates that wide band-gap transistors
effectively can contribute to eliminating the need for induc-
tive filters in motor drives.

Index Terms—Time-harmonic losses, permanent-magnet
machines, wide band-gap semiconductors.

I. INTRODUCTION

INVERTER-FED slotless permanent-magnet (PM) ma-
chines play an important role in high-power density ap-

plications such as turbomachinery, compressors, aerospace
applications, flywheels and industrial power tools [1]–[4].
The undesired harmonics generated by the inverter PWM
process increases the motor losses and thereby reduces the
performance [5]. Harmonic losses occur in every conductive
part of the machine, but rotor losses are considered more
challenging due to the poor heat transfer across the air-gap
and winding amalgam of slotless machines [6]. Even though
the issue of harmonic losses is not limited to high-speed
machines, these machines suffer from a higher proportion of
these losses due to their lower inductance [2]. Unfortunately,
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the high demands on rotor dynamics limits the possibilities for
rotor segmentation [7], necessary for suppression of harmonic
eddy-current losses [8]–[10]. Apart from reduced performance,
premature bearing failure and rotor demagnetization [11] are
challenges to be addressed. The conventional solution is to
add a bulky filter to suppress the harmonic currents fed to the
motor, resulting in a more complex system.

However, the recent emerge of wide band-gap (WBG)
transistors enables significantly higher switching frequencies
than their traditional silicon-based counterparts [12]. This
may enable a smaller filter, or its complete elimination [13],
leading to smaller and less complex systems. Subsequently, a
full utilization of WBG-technology in electric drives requires
accurate prediction capability of harmonic losses in the motor
during the design stage [14]. The topic of harmonic rotor
losses in PM-machines has gained considerable attention in
recent years (see [15] and its associated references). Aspects
that require consideration are:

• Stator structure (slotted or slotless)
• Winding type (helical, concentrated or overlapping)
• Magnet type (interior, surface inset or surface mount)
• Magnet segmentation (circumferential or axial)

While numerical models theoretically provide unlimited accu-
racy for any given electromagnetic system, analytical models
are preferred due to their lower computational burden. Al-
though the vast majority of available analytical models for
harmonic rotor losses are aimed towards conventional slotted
machinery, several of them emanate from the slotless design
due to its simplicity [15]. Slotting and winding distribution
effects are often incorporated by adequate distribution of a
number of equivalent current sheets [16]. Eddy-current shield-
ing effects can be taken into account by solving the diffusion
equation [17]. Subsequently, several powerful models exist for
the analytical prediction of harmonic rotor losses in slotless
PM machines with ring-shaped magnets of infinite length (see,
e.g., [18], [19]).

Even though several papers demonstrate the importance of
taking into account magnet length for various PM topologies
[20]–[25], no existing harmonic loss model considers ring-
shaped rotor magnets of finite length. Therefore, this paper
presents a unique model for prediction of time-harmonic losses
in a 2-pole slotless machine with ring-shaped magnets, taking
into account saturation, axial segmentation and eddy-current



0278-0046 (c) 2019 IEEE. Personal use is permitted, but republication/redistribution requires IEEE permission. See http://www.ieee.org/publications_standards/publications/rights/index.html for more information.

This article has been accepted for publication in a future issue of this journal, but has not been fully edited. Content may change prior to final publication. Citation information: DOI 10.1109/TIE.2019.2939985, IEEE
Transactions on Industrial Electronics

IEEE TRANSACTIONS ON INDUSTRIAL ELECTRONICS

shielding effects. The developed model is experimentally eval-
uated at no-load for rotors of different magnet segment thick-
ness (3–12.6mm) over a wide frequency range (8–120 kHz)
using a SiC based three-phase inverter. The developed model
completes the previously developed stator loss model in [13],
enabling harmonic loss prediction capability within 15 %,
including the previously unprecedented separation of harmonic
losses in the complete frequency range. Polarization (due to
rotor magnets) and non-uniform magnetic field (due to skin
effect) in the stator core are considered by deploying the frozen
complex permeability method [26], [27].

The paper is organized as follows. The machine is presented
in Section II. The FEA model is treated in Section III. The
material properties are analysed in Section IV. The experimen-
tal method is described in Section V. Results are presented in
Section VI. Finally, conclusions are drawn in Section VII.

II. INVESTIGATED MACHINE

The investigated machine is used in commercially available
handheld industrial nutrunners. The slotless design enables
low core losses and thereby high rotational speeds and sub-
sequently high power-density. The absence of slots eliminates
cogging torque and provides a practically linear current ver-
sus torque relationship [28], with improved position control
capability as consequence. The motor cross-section is shown
in Figure 1. The innermost layer represents the solid steel

PM
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Fig. 1. Axial cross-section of the studied motor (id,q = 0 A, i.e., field
lines only due to PMs).

shaft. The shaft carries an axially segmented stack of NdFeB
ring magnets with parallel magnetization. The rotor and stator
are separated by a 0.5mm air gap. The stator comprises
an axially laminated stator yoke of electrical steel, internally
carrying an overlapping three-phase copper winding fixed by
an impregnation varnish. The laminations are of 0.2 mm
thickness and are supported by 8 axially oriented welding
seams. The stator steel [13], [29] contains 3 % silicon and
0.4 % aluminum per weight unit. The motor phases are Y-
connected, and the Y-point is buried inside one of the end-
windings. Key motor data is summarized in Table I. The
axial cross-section is shown in Fig. 2a. Perfect insulation is
assumed between the magnet segments and the shaft. Thin

TABLE I
MOTOR DATA

Quantity Symbol Value
Peak torque T̂ 1.2 Nm
Max speed ω̂ 30 krpm

DC bus voltage UDC 325 V
Motor active length La 64.5 mm
Stator outer radius ro 15.5 mm

Stator yoke inner radius rwo 11.6 mm
Magnet radius rm 7.5 mm
Shaft radius rs 2.5 mm

Magnet remanent flux density Br,magnet 1.3 T
Shaft resistivity [30] ρshaft 0.47 µΩm

electrical insulation sheets ensure electrical insulation between
the magnets. The resulting main rotor eddy currents (due to
time-harmonics) are schematically illustrated in Fig. 2b.

Stator core
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Fig. 2. Motor radial cross-section: a) geometry; b) eddy-current scetch.

The typical nutrunner load-profile (see Fig. 3) can be
divided into a rundown, followed by a tightening. The rundown
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Fig. 3. The typical load profile: a) rundown; b) tightening.

is represented by high speed and low torque, while the
tightening is characterized by low speed and high torque. The
high dynamic demands of the application requires inverter
connection and rapid speed control. Tightening losses are
dominated by copper conduction losses while rundown losses
mainly consist of magnetic losses, such as eddy-current and
iron losses [31]. Small signal simulations of the investigated
motor show that the inductances decrease less than 2 % at
full load in the complete frequency range (due to the large
effective air-gap [13]). The simulated d and q-axis inductances
at 50 kHz, using a rotor carrying magnet segments of 6.3mm
thickness, are displayed in Fig. 4 until full load. Subsequently,
harmonic losses during the tightening stage are expected to
behave similarly to the ones during no-load. The motor no-
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Fig. 4. Influence of q-axis current on small signal inductance (at 50 kHz)
using a rotor carrying 6.3 mm magnet segments.

load losses at inverter supply were measured over a broad
speed range in [32]. Using the loss experimental data, cycle
losses were estimated. The results show that around 95 %
of the harmonic losses are generated during rundown, mainly
associated to the high-speed operation (i.e., high modulation
index [5]) and long time duration.

Utilization of wide band-gap devices leads to steeper voltage
slopes, which may increase the winding insulation stress.
While voltage overshoots at the motor terminals can be miti-
gated by using short cables, also the increasingly non-uniform
winding inter-turn voltage distribution requires consideration
[33]. For a 50 ns rise-time, the latter effect is insignificant in
the considered machine [34]. However, faster rise-times may
cause complications but is out of the scope for this paper.

Improved motor control techniques enable higher tightening
speeds, with reduced tightening losses as consequence. There-
fore, minimization of rundown losses is gaining emphasis for
improved nutrunner performance. The rundown losses can be
approximated by the no-load losses [13]. The no-load losses
are comprised of fundamental (P0) and harmonic losses (Ph)
according to Pno-load = P0 + Ph. While the fundamental
losses are independent of the converter, the harmonic ones
depend on both converter topology and switching frequency.
The studied 2-level PWM process uses a phase-advanced,
symmetrically sampled reference with a triangular carrier and
1/6 third harmonic injection. The phase to neutral voltages
{vaz, vbz, vcz} in a symmetric three-phase system for such a
PWM scheme can be expressed as [5]:

vxz=

Fundamental component︷ ︸︸ ︷
V0 cos (ω0t+ϕ0x)

+

8∑

n=1

8∑

m=− 8

Vh sin
(
[m+n]π2

)
cos ([mω0n+ωsw]t+ϕhx)︸ ︷︷ ︸

Carrier sideband harmonics
(1)

where V0 and Vh are the fundamental and harmonic voltage
amplitudes, respectively. Here, ω0 is the fundamental angular
speed and ωsw is the angular speed of the carrier waveform.
The carrier index n is a positive integer while the fundamental
index m is an integer. ϕ0x and ϕhx are the offset phasors for
the fundamental and the carrier waveform, respectively. The
undesired harmonic voltage components Vh generate currents
according to Ih = Vh

jωL(ω) (where L(ω) is the frequency

dependent machine inductance). Unfortunately, the resulting
harmonic currents only contribute to losses, with reduced
machine performance as consequence. Assuming phase a as
reference phasor, ϕ0x and ϕhx for all phases can be expressed
according to Table II.

TABLE II
PHASE SHIFTS

a b c
ϕ0x 0 2π

3
− 2π

3

ϕhx 0 2π
3
m − 2π

3
m

Using Eq. (1), it can be demonstrated that the following
combinations of n and m are eliminated [5]:
• Harmonics with even combinations of m ± n are elimi-

nated within each phase leg by the sin
(
[m+n]π2

)
factor.

• Triplen sideband harmonic currents (m=0, 3, 6...) elim-
inate due to common mode (see Table II).

Furthermore, sidebands of order m> 7 are insignificant and
can therefore neglected [5]. Subsequently, harmonics appear
at sideband frequencies fh around multiples of the switching
frequency fsw according to:

fh = f{n,m} = n · fsw +m · f0 (2)

where f0 is the fundamental frequency. Significant harmon-
ics appear at the combinations of n and m summarized in
Table III.

TABLE III
HARMONIC SIDEBAND LOCATIONS

odd n even n

m={−4, −2, 2, 4} m={−5, −1, 1, 5}

Due to the rapid decay of harmonic content beyond the
second multiple of the switching frequency, this study has
been limited to studying the first three harmonic sideband
groups, n = {1, 2, 3}, using a conventional 2-level three-phase
converter. Fig. 5 shows the measured phase-to-neutral voltage
and current waveforms using 8 and 20 kHz under 30 krpm no-
load operation. The resulting current spectrum for the 8 kHz
case, considering the first 3 sideband groups, is shown in
Fig. 6. To simplify the calculations and reduce computational
time, the RMS-values of each sideband group Ieq (see Fig. 6)
are used as FEA input. These are computed according to:

odd n : Ieq =

√ ∑

m={−4,−2,2,4}
I2{n,m} (3)

even n : Ieq =

√ ∑

m={−5,−1,1,5}
I2{n,m}. (4)

A typical silicon-based inverter uses a switching frequency in
the range 5–15 kHz while its WBG-based counterpart could
use a switching frequency of 20–100 kHz. In order to cover
both technologies, the investigated frequency range is chosen
to 8-120 kHz in this study.
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Fig. 5. Measured phase-to-neutral voltage and current at f0 = 500 Hz
and no-load, using a) fsw = 8 kHz; b) fsw = 20 kHz.

Fig. 6. Harmonic phase current spectrum at f0 =500 Hz) no-load, using
fsw = 8 kHz.

III. 3D FEA MODEL

Previous studies have shown an almost perfect decoupling
of the d and q-axis for the machine under consideration [35],
as well as a near linear flux-linkage to current relationship
due to its large magnetic air-gap [13]. Therefore, a 3D model
with pulsating input and locked-rotor has been developed. The
proposed analysis process is described in Fig. 7 and illustrated
in Fig. 8. The pulsating input enables quarter symmetry
reduction of the numerical model with significant improvement
of the computational efficiency [35]. The magnetization of
the stator yoke due to rotor magnets and the non-uniform
flux density (due to skin effect arising in the laminations at
high frequencies) are taken into account by using the complex
frozen permeability method [26], [36].

First, flux density distribution due to the permanent magnets
is determined (Fig. 8a) by a DC-simulation. Next, the minor-
loop frozen-permeability map is determined (Fig. 8b) using
material data from [13]. Finally, the harmonic flux density
distribution due to a pulsating input current according to the

a) DC simulation

Frozen permeability map [14]

AC flux and eddy-current density

c)Ieq

id=0 iq=0

b) AC simulation

d) Loss analysis

Pstator Protor
(Eq. 6) (Eq. 7)

Fig. 7. Flowchart of the analysis process

phase-to-phase connection in Fig. 8e is determined via an AC-
simulation (see Fig. 8d). The FEA model is shown in Fig. 9.
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(Eq. 7)

Fig. 8. Model description: a) DC-bias flux; b) Minor-loop frozen per-
meability map; c) Geometry; d) Harmonic flux density distribution for
Î = 1A; e) pulsating input connection.

The applied boundary conditions, illustrated in Fig. 10, enable
a reduction to 1/8 of the original (due to symmetries). The
mesh size is set to one third of the skin depth in the magnet
and shaft surface. The number of total mesh elements and
resulting simulation times for two cases of material settings
(see Table V) are summarized in Table IV using a 3.4 GHz
CPU with 6 cores and 512 GB RAM.

A. Power losses

The harmonic fields give uprise to eddy-currents in all
conductive parts of the motor, which in turn generate harmonic
power losses (Ph) in the stator (Pstator) and rotor (Protor)
according to:

Ph = Pstator + Protor. (5)
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Fig. 9. 3D FEA model.
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Fig. 10. 3D FEA model boundary conditions.

1) Stator losses: The stator losses comprise of stator lam-
ination iron losses Plam and copper winding losses Pw [13]:

Pstator = C(f)B2
lamf

2

︸ ︷︷ ︸
Plam

+ kskinRDCI
2 + kproxH

2
w︸ ︷︷ ︸

Pw

(6)

where C(f) is the empirically determined frequency depen-
dent steinmetz coefficient [13], Blam is the lamination RMS
flux density and f is the frequency. I is the RMS value
of the stator current and Hw is the winding region RMS
magnetic field. RDC is the stator winding DC-resistance. Here,
kskin and kprox are the skin and proximity effect factors [13],
respectively.

2) Rotor losses: The rotor eddy-currents are simulated with
3D FEA for accurate modeling of the magnet segmentation.
The resulting low-frequency rotor eddy-current pattern (i.e., no
skin effect present) is illustrated in Fig. 11. As can be seen,
the shaft eddy-currents are solely axially oriented, while the
currents in the magnets exhibit the classical loop-shape.

The rotor losses, constituting the shaft (Pshaft) and magnet

TABLE IV
TOTAL SIMULATION TIME AT 100 KHZ

XXXXXXXXQuantity
tmag 3 mm 6.3 mm 12.6 mm

Mesh elements 15 685 27 043 47 107
Sim. time (case 1) 48 s 90 s 112 s

Sim. time (case 3) 106 s 164 s 285 s

b) Magnet
|J | [p.u]|J | [p.u]

a) Shaft

z

x y

Fig. 11. Low frequency eddy current patterns and normalized current
densities using puslating input for the a) shaft; b) permanent magnets.

losses (Pmag), are computed according to:

Protor = ρshaft

∫∫∫

Vshaft

J2dV

︸ ︷︷ ︸
Pshaft

+ ρmag

∫∫∫

Vmag

J2dV

︸ ︷︷ ︸
Pmagnet

(7)

where J is the current density, V denominates volume and ρ
is the material resistivity.

B. Rotating to pulsating current input

Modeling of harmonic losses with rotating input requires
conversion of the rotating current into a pulsating one. The
conversion is only valid under the assumption of linear ma-
terial properties. A pulsating current ipuls according to the
connection in Fig. 8 can be expressed in αβ-components
according to:

ipuls=

[
ia
ib
ic

]
=

[
Î cos(ωt)

0

−Î cos(ωt)

]
→
[
iα
iβ

]

puls

=

[
Î
−Î√
3

]
cos(ωt) (8)

A symmetric three-phase current with the same input ampli-
tude Î can be expressed in αβ-components as:

irot =

[
ia
ib
ic

]
=

[ Î cos(ωt)

Î cos(ωt+ 2π
3 )

Î cos(ωt− 2π
3 )

]
→
[
iα
iβ

]

rot

=

[
Î cos(ωt)

Î sin(ωt)

]
(9)

The resulting current vectors for the inputs suggested in
equations (8)–(9) are illustrated in Fig. 12. The RMS relation
of pulsating and rotating current inputs can be expressed:

|irot,RMS|
|ipuls,RMS|

=

√
3

2
, (10)

enabling the proposed pulsating input approach for modeling
of harmonic losses (under the assumption of linear material
properties). Subsequently, the equivalent current component
of each sideband group Ieq, using equations (3)–(4), can be

inserted in the proposed FEA model using Ipuls =
√

3
2Ieq.

IV. MATERIAL PROPERTIES

This section details the investigations run to determine im-
portant material properties influence in the simulation model.
The influence of the shaft material is investigated in Sec-
tion IV-A. Next, the influence of magnet material and stator
yoke properties are analyzed in Section IV-B.
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Fig. 12. Comparison of pulsating and rotating current input.

A. Shaft material
As reported in [35], the shaft relative permeability has

a significant impact on total rotor losses. Therefore, the
shaft material minor loop behavior was characterized using
a Lakeshore 480 Fluxmeter. The ring-core sample and the
results are shown in Fig. 13, demonstrating approximately
linear (and reversible) minor loops with permeabilities in the
region {20 < µr,shaft < 40} throughout the complete DC-bias
range. However, the massive tensile stress (σ > 500MPa)
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B [T]

0
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b)

46
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m
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m
m

6 mm

N1=10 N2=52

-3000 30000

c)

Fig. 13. Shaft material characterization: a–b) ring-core sample c)
results.

in the axial direction of the rotor shaft aligns the magnetic
domains in the parallel direction of force [37], subsequently
causing a demagnetization in the perpendicular direction [37],
[38] (in which the harmonic field is predominantly oriented).
The influence of different rotor shaft permeability settings on
power losses (for a rotor carrying 3mm magnets) are shown in
Fig. 14. The overall best resemblance, considering the whole
frequency range, is achieved for shaft permeabilities within
µr,shaft = 1–2, indicating almost complete demagnetization in
the radial direction of the shaft.

B. Magnet material and stator yoke
The currently available analytical models for prediction of

harmonic rotor losses in slotless PMSMs [19], [39], [40] all
make the following assumptions:
(a) Axial segmentation of magnets is neglected
(b) Stator core material is linear.
(c) Isotropic magnet permeability and resistivity

Fig. 14. Influence of the shaft permeability µr,shaft on modeled losses for
a rotor carrying magnet segments of 3 mm thickness.

The influence of such assumptions are investigated in the
following. Case 1 assumes linear and isotropic material prop-
erties. Case 2 takes into account magnetization of the stator
core (using the frozen permeability method [13]). Finally,
Case 3 takes into account polarization of the stator core as
well as anisotropic magnet properties according to [41], [42].

TABLE V
FEA MODEL SETTINGS

µr,lam ρmag‖ ρmag⊥ µr,mag‖ µr,mag⊥
Case 1 1000 1.5 µΩm 1.05

Case 2 µr,e 1.5 µΩm 1.05

Case 3 µr,e 1.5 µΩm 1.3 µΩm 1.03 1.12

Assumption (a) is evaluated in Fig 15a by comparing 2D
results with measured ones (for a rotor with 3mm magnet
segment thickness) using linear, isotropic material settings
defined by Case 1 in Table V. The 2D results overestimate
losses with up to 240 % at (10 kHz), which paramounts the
significance of taking into account axial segmentation.

However, all three configurations listed in Table V enable
loss prediction capability within 10 % when modeled in 3D.
Furthermore, the conducted sensitivity analysis shows that the
stator yoke polarization and magnet anisotropy have negligible
impact on simulation results, but clearly emphasizes the need
to accurately take into account the axial segmentation of the
magnets as well as magneto-elasticity effects on the shaft.
While the frozen-permeability method improves the model
predictions for many slotted machine types, it does not make a
significant difference for the investigated slotless machine due
to the large effective air-gap [13]. All simulations hereafter
are conducted in 3D using Case 3 settings.

V. METHOD

This section describes the experimental test procedures
conducted in this paper. Section V-A describes the locked rotor
tests with pulsating input, conducted as a first validation step.
Section V-B finally describes the no-load tests with inverter
supply.
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Fig. 15. Influence of material settings on model accuracy for
tmag = 3 mm: a) 2D simulation (Case 1) compared to measured losses;
b) 3D simulations (Cases 1–3) compared to measured losses.

A. Locked-Rotor Test

The locked rotor tests were conducted by exciting the
slotless stator (depicted in Fig. 17d) with a sinusoidal voltage
according to the connection in Fig. 8e. The voltage was
achieved by cascading a waveform generator with a linear
power amplifier. The voltage and current data were acquired
using a high bandwidth power meter, using the methodology
described in [13]. The average result of 5 consecutive periods
was determined using a sampling frequency of 2.5 Gs/s. Any
thermal effect on power loss variation was minimized by
conducting short measurements (< 5 s) at room temperature
(23− 25◦C).

B. No-Load Test

The two-wattmeter method was deployed for power mea-
surement. Exactly 500 consecutive fundamental periods were
recorded using a sampling frequency of 25 Ms/s. The mea-
sured currents and voltages of each fundamental period were
transformed into Fourier domain. Next, the obtained current
spectrum was phase-compensated using current-probe char-
acterization data according to [13]. Finally, the active power
spectrum was computed. Similar to the locked-rotor case, the
thermal impact on power losses was minimized by conducting
short measurements at room temperature. The equipment
involved is listed in Table VI.

TABLE VI
EQUIPMENT

Equipment type Model

Waveform Generator Agilent 33500B
Power Amplifier AE Techtron 7224
Power Meter Lecroy MDA 803
Voltage probe HVD 3106
Current probe CP031
Temperature logger Agilent 34970A
Resistance meter Fluke 8842A

VI. EXPERIMENTAL RESULTS

This section is divided into the locked-rotor tests (Sec-
tion VI-A), and the no-load tests (Section VI-B).

A. Locked rotor tests

The power loss measurements were conducted in the two
rotor positions A–B illustrated in Fig. 16, corresponding to
a pure q-axis and d-axis harmonic field, respectively. Three

µr,e

a) Position A b) Position B

Bh

[p.u]

0

250

Fig. 16. Evaluated positions: a) q-axis; b) d-axis pulsating flux.

different rotors were evaluated (see Fig. 17), carrying 12.6;
6.3 and 3mm magnet segments, respectively. The rotors were
radially centered inside the stator using a few layers of paper
tape at each end of the magnet stack. Alignment of the rotor
in the d-axis position was achieved by applying a 4A DC
current pulse. The subsequent q-axis alignment was made by
mechanically displacing the rotor with (90 ◦). Average losses

tmag = 3 mm

tmag = 6.3 mm

tmag = 12.6 mm

c)

b)

a)

d)

Fig. 17. Investigated rotors equipped with a) 12.6 mm magnets; b) 6.3
mm magnets; c) 3 mm magnets. d) Rotor inside the stator.
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for the two rotor positions are presented in Fig 18. Note that
the error-bars in this case show the max and min levels of the
two positions (i.e., not accuracy). As can be seen, the model
exhibits loss prediction capability within 10 % for f ≥ 20 kHz
regardless of rotor. The developed model shows that rotor

Fig. 18. Average losses of positions A–B. Error bars show the maximum
and minimum losses for the two positions.

losses constitute 60–80 % of the total harmonic losses. While
the magnet losses are almost independent of the frequency for
the 3mm magnet case, the 12.6mm magnet losses are more
than twice as high at 10 kHz compared to 100 kHz. The drop
in magnet losses is explained by an increasing eddy-current
shielding effect with frequency (Fig. 19), reducing the total
levels of harmonic flux. An underestimation of losses can be
observed for frequencies below 30 kHz in the 12.6mm magnet

case. One possible reason is an increased level of leakage field
outside the active length for thicker magnets (due to lower
effective magnet resistivity and thus higher levels of eddy-
current reflection in the magnets), which is not taken into
account by the model.

a) 1 kHz b) 100 kHz

z

x
y

z

x
y

0 0.5

|B̂h| [p.u]|B̂h| [p.u]

10

Fig. 19. Normalized harmonic flux density distribution in position A for
12.6 mm magnet at a) 1 kHz; b) 100 kHz.

B. No-load tests
In this section, the validity of the proposed model has

been evaluated under rotating input. Two different rotors were
evaluated under no-load operation, equipped with magnets of
3mm and 4.5mm thickness, respectively. The machine was

a)
b)

c)

Fig. 20. Investigated motor drive: a) Inverter; b) Motor; c) Power meter.

fed by a three-phase inverter (see Fig. 20) equipped with two
parallel-connected SiC-MOSFETs (C2M0025120D) in each
phase-leg. A switching frequency of 8; 20 and 40 kHz is
used. The obtained power loss spectrums at 20 and 40 kHz
switching frequency are shown in Fig. 21. As can be seen,
the loss prediction capability is within 15 % for all examined
harmonic components. The difference is mainly explained by
the losses in the metallic parts, such as the rotor parts outside
the active length which are not considered. The superposition
of harmonic loss components in soft magnetic materials such
as the stator yoke and rotor shaft may add to the discrepancy.
However, the results still justify the superposition approach
for fast, yet sufficiently accurate modeling of time-harmonic
losses in the considered machine. The total harmonic losses for
a set of selected cases at 30 krpm and no-load are reported in
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Fig. 22. The results show that harmonic losses at unfiltered
conditions (unfilt.), i.e., without using the inductive motor
filter, can be reduced with two thirds (from 27W to 9W)
by using 3mm instead of 4.5mm magnets and adopting
a switching frequency of 40 kHz instead of 8 kHz. As a
reference, the losses under nominal, filtered (filt.) conditions,
are also shown.

Fig. 21. No-load harmonic power spectrums at a) fsw=20 kHz; b)
fsw=40 kHz for rotor carrying 4.5 mm magnets.
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Fig. 22. Harmonic no-load losses

VII. CONCLUSION

This paper presents a complete analysis of harmonic losses
arising in inverter-fed 2-pole slotless permanent-magnet ma-
chines with axially segmented ring magnets. The developed
three-dimensional time-efficient numerical model is success-
fully validated under high-speed no-load operation, using a

silicon-carbide based three-phase inverter. Rotors with four
different magnet thicknesses in the range 3–12.6mm are ex-
perimentally evaluated for frequencies in the range 8–120 kHz.
The developed 3D model not only enables loss separation,
but also prediction capability of harmonic losses within 15 %
over the whole frequency range. The conducted sensitivity
analysis primarily emphasizes the importance of taking into
account the axial segmentation of magnets, and secondarily the
rotor-shaft magneto-elasticity effects for accurate modeling.
Whereas 2D models overestimate losses with up to 240 %,
the magneto-elasticity affects loss modeling with up to 30 %
at 10 kHz. The sensitivity analysis also indicates an almost
complete demagnetization in the radial direction of the shaft
(1 < µr,shaft < 2). However, it is found that the stator yoke
polarization and magnet anisotropy have negligible impact on
the modeling accuracy. The results validate the approach of
harmonic superposition under no-load operation and show that
rotor losses comprise 60–80% of the total harmonic losses.
Furthermore, the conducted case study shows that harmonic
losses can be reduced with two-thirds (from 27W to 9W) by
deploying thinner magnets and 40 (instead of 8) kHz switching
frequency, thus enabling usage of significantly smaller motor
filters. Future work includes development of analytical models,
evaluation of inverter losses and electric drive optimization.
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Abstract—The recent emergence of wide-bandgap power tran-
sistors enables higher switching frequencies in electrical motor
drives. Their full utilization from a system point of view requires
quantification of the corresponding time-harmonic motor losses.
As an initial step, this paper presents a unique study of stator losses
for three different commercially available nonoriented silicon–iron
steel grades (with lamination thicknesses 0.1, 0.2, and 0.3 mm). The
investigations cover a wide frequency range (10–100 kHz) at dif-
ferent levels of dc bias (up to 1.6 T). Iron losses are identified from
measurements on fully assembled stators deploying a novel tech-
nique. By utilizing fully assembled stators, no additional samples
are required. Manufacturing influence is inherently incorporated.
Results show that measured iron losses are twice as high at 10 kHz
compared with Epstein test results, which emphasizes the need to
incorporate manufacturing influence on iron losses at high fre-
quencies. The level of dc bias is also observed to have a significant
impact on iron losses (up to 30%). Even though thinner lamina-
tions are known for reducing iron losses, the reduction is much
lower than anticipated in the studied frequency range due to skin
effect. Using a 0.1-mm lamination gauge instead of 0.3 mm reduces
losses by 50% at 10 kHz, while the same substitution at 100 kHz
only reduces losses by 30%. Future work includes loss separation
in complete converter-fed machines.

Index Terms—Harmonic analysis, magnetic losses, permanent
magnet machines, wide-bandgap semiconductors.

I. INTRODUCTION

S LOTLESS electrical motors are preferred in applications
with elevated demands on high efficiency and low weight,

such as compressors, turbines, medical equipment, and in-
dustrial hand tools [1]–[6]. Such applications often require
advanced motor control, which is achieved by connection to
a pulse-width-modulated (PWM) power-electronic converter.
The converter PWM output voltage not only contains the desired
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fundamental component, but also a set of undesired high-
frequency harmonics, located around multiples of switching
frequency [7]. These harmonic voltage components contribute
to undesired motor heating with reduced performance as
consequence. Even though the issue of harmonic losses is not
limited to only high-speed machines, they suffer from a higher
proportion of these losses due to their lower inductance [8]. A
conventional solution is to add a large and costly inductive filter
in order to suppress the harmonic currents fed to the motor,
increasing system complexity and size.

However, the recent emerge of wide-bandgap (SiC and GaN)
transistors has enabled significantly higher switching frequen-
cies than their silicon-based counterparts [9]. This leads to re-
duced harmonic motor losses (see Section II and [10]–[12]). As
discussed in Section II, this may enable a reduction (or complete
elimination) of the required filter, resulting in smaller and less
complex systems.

In order to optimize motor systems deploying wide-bandgap
power semiconductors, accurate models for harmonic losses in
the motor are required at the design stage. In [13], the authors
of the present paper developed an innovative experimental pro-
cedure with locked rotor and pulsating current. The method
assumes harmonic superposition of each frequency component.
Segregation of rotor losses in measurements on complete motors
requires accurate stator loss models.

Stator losses include winding and core (iron) losses. The
latter may represent a significant share at higher frequencies.
Even though the issue of iron loss prediction has been an active
research topic for more than a century, no universal iron loss
model is currently available [14]. Manufacturers often provide
Epstein frame loss data up to 10 kHz on request, but little is
known about iron losses in silicon–iron (SiFe) steel at higher
frequencies. The few available studies [15]–[17] conclude that
classical analytical iron loss approaches become increasingly
inaccurate with frequency due to skin effect. No useful study
regarding the impact of lamination thickness on iron losses in
SiFe steel beyond 10 kHz could be found in the literature today.

Yet, full utilization of wide-bandgap transistors in electric mo-
tor drives requires iron loss characterization up to hundreds of
kilohertz. Conventional iron loss measurement techniques, such
as the Epstein-frame and the ring-core methods, require com-
plex hardware and waveform control beyond a few kilohertz
[17], [18]. Furthermore, their neglect of complex field patterns
and material deterioration due to manufacturing influences such
as cutting, stacking, and welding [19]–[22] limits the usefulness
of such results. Another important aspect that requires attention

0093-9994 © 2018 IEEE. Personal use is permitted, but republication/redistribution requires IEEE permission.
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is the influence of dc-bias magnetic field. The results in [23] and
[24] report a significant impact of dc bias on iron losses in SiFe
steel below 1 kHz. Therefore, a similar study is required for the
frequency range considered in this paper. This paper presents
a unique study of losses arising in fully assembled stator steel
grades [25] of different gauges (0.1–0.3 mm) in a slotless two-
pole permanent-magnet motor. Losses are identified under si-
nusoidal pulsating magnetic field in the high-frequency range
(10–100 kHz) at different levels of dc magnetization (up to
≈1.6 T). In order to predict the cross-sectional flux-density
distribution necessary for loss separation, the stator steel B–
H curves are experimentally characterized. The winding losses
are successfully identified using an innovative method. The har-
monic magnetic flux density distribution is determined by small-
signal modeling of the core. Static 2-D finite-element analysis
(FEA) can be used, thus yielding minimal computational effort.
The dc bias is created using an external excitation coil. By uti-
lizing fully assembled stators, no additional core samples are
needed. Manufacturing influences are inherently incorporated.
As discussed in Section V, the large airgap reluctance elimi-
nate the need for active current control. The method is of direct
importance for the harmonic loss characterization of slotless
motors. It also complements the studies considering manufac-
turing influence on iron losses.

An early version of this work [7] was presented at the IEEE
International Electrical Machines and Drives Conference, 2017.
This paper extends [7] with the following contributions:

1) an application description including experimental motor
loss data for switching frequencies in the range 8–40 kHz
using a SiC-based inverter (see Section II);

2) an extensive literature review (see Sections III–IV);
3) experimental minor loop B–H characterization at different

levels of dc bias (see Section VII);
4) a comprehensive study on the impact of dc bias on iron

losses (see Section IX);
5) a model sensitivity analysis (see Section X).
The rest of this paper is organized as follows. The motor

under study is presented in Section II. The analytical wind-
ing loss model required for loss separation is introduced in
Section III, while the iron loss modeling is treated in Section IV.
The method and measurement setup are described in
Sections V and VI, respectively. The minor loop B–H curves
of the investigated stator steels at different levels of dc bias are
characterized in Section VII. The proposed winding loss mod-
els are validated in Section VIII. Iron loss results are presented
in Section IX. The implications of the results as well as the
model validity are discussed in Section X. Finally, conclusions
are drawn in Section XI.

II. INVESTIGATED MOTOR

The motor under study is used in commercially available
handheld industrial nutrunners. In contrast to their domestic
counterparts, industrial nutrunners have exceptional demands
on reliability as well as ergonomics due to their high degree
of utilization. Cooling fans are considered a lifetime limiter
in dirty industrial environments and, therefore, not to prefer.

Fig. 1. Geometry and static magnetic field lines of the motor under study at
no load.

TABLE I
KEY MOTOR PARAMETERS

Quantity Symbol Value

Peak torque Tmax 1.15 N·m
Maximum speed nmax 30 kr/min
DC-bus voltage UDC 325 V
Number of phase turns N 65
Motor active length La 64.5 mm
Stator outer radius rso 15.5 mm
Stator yoke inner radius rsi 11.6 mm
Winding inner radius rw 8 mm
Magnet radius rm 7.5 mm
Shaft radius rsh 2.5 mm
Nominal lamination thickness hlam 0.2 mm

Instead, reliable high-performance industrial nutrunners require
high efficiency. One successful method is to deploy a slotless
motor design [5], enabling high rotational speeds and thereby
high power density. Cogging torque is minimized by using a
two-pole ring-magnet rotor, with improved position control
capability as consequence.

The radial cross section of the investigated motor is presented
in Fig. 1. The solid shaft is represented by the innermost layer.
The shaft carries a layer of axially segmented ring magnets with
parallel magnetization. The rotor is surrounded by an airgap fol-
lowed by the copper windings. The copper windings are fixed
by varnish inside the cylindrical axially laminated stator yoke.
The laminations are supported by eight straight equally dis-
tributed axiperipheral welding seams, each ranging the whole
active length. The nominal composition of the steel material
under study in this paper is 3% silicon and 0.4% aluminum per
weight unit. Further material data can be found in [25]. The rel-
evant motor data are summarized in Table I. The stator is finally
glued inside a motor house.

Fig. 2 shows the typical nutrunner load profile. It can be
divided into Fig. 2(a) the rundown followed by Fig. 2(b) the
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Fig. 2. Typical load profile of an electric motor for handheld nutrunners.
(a) Rundown (Trundown ≈ 1.15 s). (b) Tightening (Ttightening ≈ 0.2 s).

TABLE II
MEASURED MOTOR NO-LOAD LOSSES AT 30 KR/MIN [12]

P \fsw 8 kHz 20 kHz 40 kHz

P0 16 W 16 W 16 W
Ph 31.1 W 19.7 W 13.8 W

tightening. Rundown is characterized by high speed and low
torque, whereas tightening is distinguished by low speed and
high torque. At tightening, copper losses are dominant, while
magnetic losses dominate at rundown [26]. Traditionally, tight-
ening losses have been dominant. Nevertheless, improved motor
control techniques enable higher tightening speeds with reduced
tightening losses as consequence. Instead, rundown losses are
becoming the dominant loss source in many applications, and
their reduction is gaining emphasis for improved nutrunner per-
formance.

Even though the mechanical work conducted during rundown
is negligible, the related power losses are often significant due
to the poor efficiency at this operating point. The power losses
at rundown can be represented by the no-load losses. They can
further be divided into fundamental (P0) and harmonic (Ph )
losses according to Pno-load = P0 + Ph . Fundamental losses P0

are independent of the supply waveform, whereas the harmonic
ones Ph depend on the inverter supply waveform. Due to the
absence of stator slots, and negligible amount of winding space
harmonics in the motor under study [27], the harmonic losses
are essentially caused by the time harmonics of the input voltage
PWM.

In its industrial application, the motor is fed by a three-phase
power electronic inverter with a 325-V dc bus via an inductive
filter. The weight of the inductive filter equals the combined
weight of the motor and power-electronic module [12]. There-
fore, its elimination is highly desired. Typical rundown motor
losses (at 30 kr/min no-load, using a switching frequency of
8 kHz) are around 23.5 W, of which 7.5 W are harmonic losses
[12]. The Fourier separation of power losses into fundamental
and harmonic ones is thoroughly described in [12], using voltage
and current harmonic spectra.

By using wide-bandgap transistors, switching frequencies of
up to 50 kHz are considered possible [9]. Table II shows the

measured fundamental and harmonic motor losses at 30-kr/min
no-load operation without using the filter at three different
switching frequencies (fsw). As can be seen, fundamental
losses are independent of the switching frequency, while
harmonic losses can be more than halved by using 40 kHz
instead of 8-kHz switching frequency. However, full utilization
of wide-bandgap transistors in electrical motor drives requires
accurate models for harmonic motor losses. The time harmonics
from a two-level PWM process appear at sideband frequencies
fh around multiples of the switching frequency fsw according to

fh = nfsw ± mf0 (1)

where f0 is the fundamental frequency and n and m are
integers [28]. The dominant phase-to-phase time-harmonic
components appear at {n = 1,m = 2} and {n = 2,m = 1}.
Since fsw >> f0 holds in this study, (1) can be simplified
to fh ≈ nfsw. A silicon-based inverter in the kilowatt-range
typically uses a switching frequency of around 10 kHz. The first
two harmonic sideband groups take place around 10 and 20 kHz.
A wide-bandgap-based inverter in the same power range would
use a switching frequency of up to 50 kHz, resulting in the
two first harmonic sideband groups taking place around 50 and
100 kHz. In order to cover both technologies, the investigated
frequency range is chosen as 10–100 kHz in this study.

III. WINDING LOSS MODEL

Harmonic stator losses in electrical motors can be divided into
winding copper losses Pw and stator lamination iron losses Plam.
Iron losses can, thus, be obtained by separating winding losses
from measurements Plam = Pmeasured − Pw . Therefore, accurate
models for winding losses are required for the identification
of iron losses. Loss models for Litz-wire windings have been
developed in [29]–[34]. The orthogonality theorem presented in
[31] allows separate treatment of skin and proximity effect losses
in straight windings. The assumption is that the applied field due
to proximity is uniform. Based on this assumption, the authors
of [32] developed an analytical model for twisted Litz-wire
windings in transformers with good experimental agreement.
The developed model was verified in a recent review [35].

Based on the same approach, the losses of Litz-wire windings
Pw can be expressed in a more general form [33]

Pw = kskinRDCI2 −kproxH
2
w︸ ︷︷ ︸

Pproximity

(2)

where RDC is the dc resistance, I the root mean square (RMS)
current, and Hw is the winding RMS magnetic field strength.
kskin is the analytically determined skin effect factor according
to [34]

kskin =
γ

2
berγ bei′γ − beiγ ber′γ

ber′2γ + bei′2γ
γ =

ds√
2δCu

(3)

where ds is the strand diameter and δCu is the skin depth of
copper. ber and bei are the real and imaginary parts of the mod-
ified Bessel function of first kind and zero order, respectively
[36]. ber′ and bei′ are their respective derivatives. kprox is the
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proximity effect factor according to [32], [33]

kprox =
2πLw NsρCuds

δCu

ber2γ ber′γ − bei2γ bei′γ

ber2γ + bei2γ
(4)

where Lw is the winding length, Ns is the total number of litz-
wire strands, and ρCu is the resistivity of copper. ber2 and bei2

are the real and imaginary parts the modified Bessel function of
first kind and second order, respectively [32].

The model in (2) assumes ideal winding transposition. How-
ever, manufacturing variation in the turn-to-turn transposition
may increase the losses [37], [38]. This effect is neglected in
this study.

IV. IRON LOSS MODEL

No universal iron loss model can be found in the currently
available literature. An overview of useful models is provided
in [39], reporting that analytical models based on the Steinmetz
equation [40] are considered best suited for rough postprocess-
ing estimations in the electric machine design.

One widely deployed model for fundamental losses in SiFe-
based laminations is the Bertotti three-term model [41]. The
model separates losses into hysteresis, eddy-current, and ex-
cess losses. Many attempts have been made to incorporate for
harmonic losses into the Bertotti model [42]–[47]. In [44], the
authors present a model for prediction of losses under arbitrary
input using the Preisach model for improved estimation of minor
loops, validated up to a switching frequency of 2 kHz.

A few papers, including [15] and [46], investigate iron losses
up to 20 kHz, both reporting an increased loss estimation error
with frequency, mainly related to skin effect. The lamination
skin depth δlam is given by

δlam =

√
ρlam

πμlamf
(5)

where μlam is the lamination permeability, ρlam is the lamina-
tion resistivity, and f is the frequency. Skin effect takes place
when the skin depth is shorter than the lamination thickness
hlam, i.e., δlam < hlam. For δlam << hlam, the heavily nonuni-
form flux density distributions in the laminations [36] not only
affect the eddy-current loss component, but also have a signifi-
cant effect on core reluctivity [48] as well as the hysteresis loss
component [49]. A consequence is that the Bertotti model be-
comes nonphysical and, therefore, not to prefer. Several papers
have proposed methods for incorporation of the nonuniform
flux density effects into time-stepping 2-D FEA, suggesting ho-
mogenization techniques of lamination stacks [50]–[54]. The
same approach has also gained recognition when applied in the
frequency domain [36], [55]. For small perturbations around a
magnetic working point, core permeance in the frequency do-
main is characterized by the complex relative permeability μr,e

[48], [56] according to

μr,e = μr,Δ

tanh (γ h lam
2 )

γ h lam
2

(6)

where γ = 1+j
2δ lam

and μr,Δ = 1
μ0

dB
dH is the local value of relative

permeability. Thus, provided access to the low-frequency B–H

behavior, the permeance of laminated cores can be accurately
determined over a very wide frequency range. In this paper, the
theory from [56] is combined with static 2-D FEA to determine
the harmonic magnetic flux density distributions in the stator
iron and windings. The corresponding losses can subsequently
be identified. The emphasis in this paper is not on develop-
ing a sophisticated iron loss model, but to develop an efficient
methodology for quantification of iron losses in fully assembled
stators. The identified stator lamination iron losses Plam are for
simplicity characterized with the original Steinmetz equation
[40] according to

Plam = CSE(f)Bα
lamfβ (7)

where CSE, 1 < α < 2, and 1 < β < 3 are the parameters to
be empirically determined. In this study, α = β = 2 is assumed
as an initial approach, while CSE(f) is determined for each
frequency. Blam is the stator iron RMS value of magnetic flux
density, and f is the harmonic frequency.

V. METHOD

The rotor loss model previously developed by the authors
in [13] treated pulsating magnetic flux generated by phase-to-
phase connection of a single-phase ac supply. The same electri-
cal connection has, therefore, been used in this paper.

Remark: The rotor is never present in this study since only
stator losses are treated. The adopted methodology is described
in Fig. 3. The power losses are measured under sinusoidal volt-
age excitation of the stator according to Fig. 3(a), using the
measurement setup in Fig. 4. The magnetic flux density dis-
tribution, required for separation of winding and core losses, is
obtained by small-signal harmonic 2-D FEA simulations in [57]
using the measured RMS current I and the lamination effective
relative permeability |μr,e|, as described in Fig. 3(b). As can be
seen, the reluctance of the magnetic flux path is dominated by
the large relative airgap. Consequently, the small-signal reluc-
tance around a certain magnetic working point can be assumed
as constant.

Thus, the resulting current waveform will be perfectly si-
nusoidal due to the large relative airgap, regardless of dc-bias
saturation. The 2-D FEA model stator yoke exterior boundary
condition was set to magnetic insulation by defining the axial
magnetic vector potential to zero, Az = 0. Relevant 2-D FEA
model data are summarized in Table III. The lamination losses
can finally be identified by subtracting the winding losses ac-
cording to Fig. 3(c). Hw is the winding average RMS magnetic
field strength and Blam is the stator core average RMS magnetic
flux density, determined by

H2
w =

1
Aw

∫ rsi

rw

∫ π
2

0
H2 dγdr, B2

lam =
1

Alam

∫ rso

rsi

∫ π
2

0
B2 dγdr

(8)
where H = H(γ, r) and B = B(γ, r) are obtained by static
2-D FEA, and A denotes the integration area. The calculation
of |μr,e| requires the incremental relative permeability μr,Δ . It
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Fig. 3. Methodology workflow. (a) Experimental connection. (b) Two-
dimensional FEA model for simulation of flux density distribution. (c) Iden-
tification of lamination iron losses. Remark: The rotor is never present in this
study.

Fig. 4. Measurement setup.

was computed according to

μr,Δ =
1
μ0

dB

dH
(9)

where dB
dH originates from the low-frequency characterization

results presented in Section VII.

TABLE III
TWO-DIMENSIONAL FEA MODEL DATA

Mesh elements 6227

Simulation time < 1 s
Outer boundary condition Az = 0

TABLE IV
EQUIPMENT

Equipment type Model

Waveform generator Agilent 33500B
Power amplifier AE Techtron 7224
Power meter Lecroy MDA 803
Voltage probe HVD 3106
Current probe CP031
Temperature logger Agilent 34970A
Resistance meter Fluke 8842A
Flux meter Lakeshore 480
DC power supply Delta Elektronika SM45-70D

VI. MEASUREMENT SETUP

An overview of the measurement setup is provided in Fig. 3.
The slotless stator [depicted in Fig. 11(a)] was excited by a si-
nusoidal voltage according to the connection in Fig. 3(a). The
voltage was achieved by cascading a waveform generator with
a linear power amplifier. The voltage and current data was ac-
quired using a high-bandwidth power meter. The sample tem-
perature was logged using a T-type sensor glued to the inside of
the stator in the mid-axial position. All measurements were con-
ducted at room temperature, 25 ◦C. In order to accurately deter-
mine the stator winding losses, the phase-to-phase dc resistance
RDC was measured within seconds after each test, deploying the
four-wire method. The issue of creating an external dc bias is a
challenging task because of the potential transformer coupling
between motor winding and an external excitation coil. The dc
bias was created by a Litz-wire coil (for minimal eddy-current
losses) with 15 turns (CLI 200/120) depicted in Fig. 11(b), fed
by a dc supply. In order to ensure cancellation of the trans-
former coupling, the coil turns were uniformly distributed. The
equipment involved are listed in Table IV.

A. Data Collection

In order to minimize the thermal influence on measurements,
each session was always preceded by an initial 2-h turn-ON of
the measurement system. This allows potential settling in its
characteristics. After each measurement session, a wideband
(10–100 kHz) characterization of the systematic error regarding
amplitude and relative phase between the current and voltage
measurement channels was made. The characterization used
a 50-Ω low-inductance temperature-stable power film resistor
(Caddock MP-915-50).

B. Data Analysis

The harmonic power losses were computed according to

Pmeasured(f) =
Û(f)Î(f)

2
cos ϕ (10)
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Fig. 5. Stator core.

where Û is the measured peak voltage and Î is the measured peak
current. Î has been corrected with the amplitude characterization
outlined above. Here, ϕ is the measured phase angle corrected
with results obtained from characterization

ϕ = ϕmeas(f) − Δϕ(f). (11)

The variables were obtained using Fourier analysis of five con-
secutive harmonic periods at a sampling frequency of 2.5 Gs/s.
Δϕ(f) was obtained during the characterization succeeding
each measurement session. The measurements presented in this
paper are characterized by almost inductive load conditions. It
can be shown that the percentual power loss estimation error at
these conditions is approximated by

ΔPerror ≈ 100
sin (ϕerror)

cos (ϕ)
, [%] (12)

where ϕ is the actual phase angle, and ϕerror is the systematic
angular measurement error. The angular precision was deter-
mined by conducting 20 characterization measurements (using
the low-inductive power film resistor) at each frequency, using
input voltage in the range 10–25 VRMS. ϕerror was determined
to below 0.15◦ over the whole frequency range with 95% confi-
dence bounds.

C. Outline of Results

The stator steel B–H relationships are characterized in
Section VII. The winding loss models are validated in Sec-
tion VIII and iron losses are determined in Section IX. All power
loss measurements presented in this paper have been conducted
without the rotor and corrected with characterization results.

VII. STATOR STEEL B–H CHARACTERIZATION

A stator core sample is illustrated in Fig. 5. As can be seen
in Fig. 6, the stator ring cores were excited using a coil fed by a
controllable dc supply (Delta Elektronika SM45-70D). In order
to be able to saturate the cores using the dc supply, Ne =10 turns
were needed, and a large wire diameter was required to handle
the peak currents (AWG 15). The resulting magnetic field was
determined according to

Hlam =
NeIDC

2πrs,av
(13)

where rs,av = rso−rsi
2 is the average stator lamination radius and

IDC is the applied dc current. The flux was measured via a

Fig. 6. Stator core equipped with (a) search coil and (b) excitation coil.
Remark: Only used for characterization of the B–H relationship.

Fig. 7. Obtained B–H curve for the NO20 stator core.

44-turn search-coil connected to a fluxmeter. Since the search
coil currents are negligible, a thinner wire diameter was chosen
(AWG 24). The number of search coil turns were maximized
with reference to the stator core inner diameter for maximal
accuracy. In order to minimize the impact of eddy currents on
results, the rate of change of magnetic flux density was kept
below dB

dt < 3 T/s.
In order to investigate the minor loop behavior, an arbitrary

waveform generator was cascaded with the dc supply. Four
consecutive sinusoidal minor loops (45 A/m amplitude) at low
frequency under incrementally increasing level dc bias were
programmed. The results (illustrated in Fig. 7) show that the
minor loop relative permeabilities are significantly lower than
the fundamental ones (up to six times) depending on the level
of dc bias. The results also show that the minor loops are re-
versible and follow an almost linear B–H relationship for small
perturbations around a certain level of dc bias.

The obtained minor loop incremental relative permeabilities
(using the small-signal linearization described in Fig. 7) are
summarized in Fig. 8 as a function of dc bias.

VIII. WINDING LOSS MODEL VALIDATION

In order to validate the winding loss model in (2), the losses
of a separate phase coil [see Fig. 10(a)] far from any other con-
ductive objects were measured at 50-V RMS input at 25 and
85 ◦C. The results are shown in Fig. 9(a). At 10 kHz, the dif-
ference was less than 5% for both temperatures. At 100 kHz,
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Fig. 8. Minor loop relative permeabilities as a function of dc bias.

Fig. 9. Losses of a separate phase coil in airgap at 50-V RMS input.

Fig. 10. (a) Separate phase coil inside the stator airgap. (b) Separate phase
coil.

measured losses were 15% higher than modeled ones for both
temperatures. According to the model, proximity losses domi-
nate beyond 70 kHz. The model for proximity losses assumes
ideal transposition. Thus, one possible reason to the increased
relative difference between modeled and measured losses is
nonideal manufacturing effects. The magnetic field in the coil,
necessary to compute proximity losses, was obtained by 2-D
FEA according to the methodology described in Fig. 3.

Fig. 11. (a) Stator. (b) Stator with dc bias coil for ac power loss measurement.

Fig. 12. Losses of separate phase coil in airgap at 50-V RMS input.

A. Winding Proximity Losses

The winding proximity loss expression Pproximity in (2) was
validated by measuring the additional losses of a separate phase
coil [see Fig. 10(b)] placed in the middle of the airgap [see
Fig. 10(a)], when applying a sinusoidal input voltage of 50 V.
Hw was obtained from 2-D finite-element simulations. The ob-
tained results presented in Fig 12 show that measured losses
were within 15% of the predicted ones. Thus, the results vali-
date the expression for Pproximity in (2).

IX. IRON LOSSES

In this and the following sections, lamination losses Plam

have been identified by subtracting winding losses Pw from the
measured losses according to Plam = Pmeasured − Pw , using the
method described in Fig. 3. All measurements were conducted
at room temperature (25 ◦C), using a sinusoidal ac input with
constant voltage amplitude. The winding losses Pw and stator
yoke relative permeability μr,e were computed according to (2)
and (6), respectively. The remainder after this subtraction are
considered as the lamination iron losses. Iron losses in three
different steel grades are identified with and without external dc
bias in Sections IX-A and IX-B, respectively.

A. Stator Yoke Iron Losses Without External DC Bias

Fig. 13 shows the measured iron losses of all three consid-
ered stator steel grades at 10, 20, 50, and 100 kHz. The results
show that iron losses increase quadratically with input voltage.
Furthermore, losses can be more than halved at 10 kHz by using
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Fig. 13. Iron losses from measurements, NO10-NO30, variable RMS input
voltage range.

Fig. 14. NO20 losses at different dc-bias 50-V RMS input.

NO10 instead of NO30. However, the benefit of thinner lami-
nation (at zero dc bias) decreases with frequency. At 100 kHz,
iron losses are only reduced by 30% by using NO10 instead
NO30. Furthermore, measured losses at 10 kHz are twice as
high compared to Epstein-frame-based loss modeling (provided
by the manufacturer). Unfortunately, no manufacturer data are
available for higher frequencies.

B. Impact of DC Bias on Stator Iron Losses

In this section, the impact of a dc-bias magnetic field
on the stator lamination iron losses has been investigated at
50-V ac input. The bias was achieved by the external excitation
coil depicted in Fig. 11(b), and its resulting magnetic field was
calculated according to (13). The additional eddy-current losses
taking place in the external coil have been subtracted from the
total losses using the expression for Pw,e in (2). The external
coil is assumed to give uprise to a homogeneous magnetic field
distribution in the stator yoke.

Fig. 14 shows the iron losses of an NO20 stator when sub-
jected to a dc bias (0–1.6 T) for a set of frequencies. Measured
iron losses exhibit a weak dependence of dc bias from 0 to 1 T,
whereafter an increase can be observed until 1.5 T, where the
losses peak (regardless of frequency). As can be seen, the impact
of dc bias on iron losses can be significant. At 10 kHz, losses are
50% higher at 1.4 T than at 1.6-T dc bias. The same phenom-
ena was observed for NO10 and NO30. One explanation can be
found in the nature of iron losses in SiFe steel under dc-biased
condition, since both eddy current and hysteresis losses depend
on the dc-bias level [23], [24], [58].

C. Iron Loss Characterization

In this section, the iron losses of three steel grades are charac-
terized using the Steinmetz equation expressed in (7). Due to the
previously observed dependence of stator losses with dc bias,
three different saturation levels have been chosen, 0, 100, and
1000 A/m, corresponding to approximately 0, 0.2, and 1.4 T, re-
spectively. In order to investigate any dependence of iron losses
on ac amplitude, an input range of 20–50 VRMS has been used.
The Steinmetz coefficient CSE is identified for each frequency
and saturation level, using data from the whole input voltage
range according to

CSE(f) =
1
N

UN∑

U =U1

CSE(U, f) (14)

where

CSE(U, f) =
Pmeasured(f, U) − Pw (f, U)

f 2B2
lam(f, U)

(15)

is determined using the procedure described in Fig. 3. The ob-
tained Steinmetz coefficients for all steel grades are shown in
Fig. 15 for the three saturation levels. The obtained loss coef-
ficients are clearly higher (up to 30%) at 1.4 T than 0.2-T dc
bias. The iron loss coefficients decrease until 70 kHz in Fig. 15.
Similar decreases with frequency have been demonstrated in
[15]–[17]. They are commonly explained by decreasing eddy-
current losses due to the skin effect. However, the following
increase in iron losses beyond a certain frequency has been
more sparsely discussed. The authors of [17] make a similar
observation and mention increasing dead time as one possible
reason. The same explanation can be excluded in this study due
to perfectly sinusoidal waveforms, as discussed in Section V.
However, the hysteresis losses have been reported to increase
due to the following:

1) the increasingly nonuniform flux density distribution with
frequency itself [49];

2) the increasing amount of magnetic flux passing through
deteriorated regions due to the field displacement toward
lamination surfaces [19]–[22].

X. DISCUSSION

In this section, the results are summarized and the model
validity is discussed in Section X-A. The modeled and measured
stator losses (normalized by NO20 losses at 10 kHz and 1.4 T)
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Fig. 15. CSE, NO10, NO20, and NO30 at different dc-bias level. (a) BDC ≈
0 A/m. (b) BDC ≈ 0.2 T. (c) BDC ≈ 1.4 T.

are compared in Fig. 16. Results show that harmonic stator
losses can be reduced by more than three quarters by using
50-kHz switching frequency instead of 10 kHz. This is due to
the decrease of winding losses Pw with increased frequency.
Beyond 50 kHz, copper conduction losses become negligible,
while iron losses dominate regardless of steel grade.

A. Model Validity

As can be seen in Fig. 3, the harmonic magnetic flux path is
not only tangential to the lamination surfaces, but also radially
oriented. However, the material minor loop relative perme-
abilites reported in Section VII were measured under tangential
flux orientation. The impair of magnetic properties due to
cutting [19], [20], may result in a subsequent overestimation of
the modeled magnetic flux densities. The consequence would be
an incorrect loss separation and a subsequent underestimation
of iron loss coefficients. Therefore, the influence of lamination
relative permeability on normalized RMS flux density levels is
shown in Fig. 17. As can be seen, the influence is less than 10%
for μr,lam > 30. This insensitivity is explained by the large

Fig. 16. Normalized NO20 stator losses at 50-V RMS input and approximately
1.4-T dc bias. Error bars show the 95% confidence bounds for measured values.
The dashed lines show the corresponding iron losses of NO10 (lower line) and
NO30 (upper line).

Fig. 17. Influence of lamination relative permeability on stator flux densities.

TABLE V
EFFECTIVE RELATIVE PERMEABILITIES μr,e AT 100 kHz

NO10 NO20 NO30

BDC ≈ 0.4 T 376 225 117
BDC ≈ 1.5 T 40 44 61

relative airgap, as previously discussed in Section V. However,
it also shows that the model sensitivity increases with dc bias
due to decreasing relative permeability when approaching
saturation. The effective relative permeabilities at 100 kHz
of the investigated materials are summarized in Table V at
two different saturation levels. An assumed overestimation (in
the upper range) of relative permeability by 30% (due to the
neglection of radially oriented flux) at 1.5-T dc bias would result
in a corresponding overestimation of magnetic flux densities
by less than 2%. The resulting error on winding losses and iron
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loss coefficients would be less than 4%. Thus, the modeling
approach is considered sufficiently valid for the present study.

XI. CONCLUSION

The harmonic losses in three fully assembled stators of differ-
ent steel grade (NO10, NO20, and NO30) of a two-pole slotless
permanent magnet motor have been measured. The analysis
covers a wide frequency range (10–100 kHz) at different levels
of dc bias (up to Blam ≈ 1.6 T). For this purpose, the minor
loop B–H relationships were characterized under incrementally
increasing dc bias. The winding loss models necessary for sep-
aration of iron losses were successfully validated using an inno-
vative method. Measured iron losses are twice as high at 10 kHz
compared to Epstein test results. This emphasizes the need to
incorporate manufacturing influence on iron losses at high fre-
quencies. At 10 kHz, iron losses can be roughly halved by using
NO10 instead of NO30. The same substitution at 100 kHz only
results in a decrease with 30%. The effect of dc bias was more
significant at low than high frequencies. At 10 kHz, NO20 iron
losses at ≈1.4 T dc bias were 30% higher than at ≈0.2 T. The
proposed method enables fast and accurate access to harmonic
iron losses at high frequencies. It is not only of direct impor-
tance for validation of harmonic motor loss models, but also
useful for studies on manufacturing influence on iron losses.
The developed models and acquired results contribute to the au-
thors strive for a complete harmonic loss model of inverter-fed
slotless motors. Subsequently, future work includes utilizing the
proposed stator-loss model to accurately separate rotor losses in
a complete converter-fed machine.
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Abstract—This paper deals with the design and evalua-
tion of a short-circuit rotor-ring for enhanced self-sensing
capability in a two-pole slotless permanent-magnet mo-
tor. High-frequency rotor anisotropy is enabled by adding
a short-circuited rotor-ring. Optimal ring-dimensions are
determined by parametric numerical studies. An effective
high-frequency saliency of up to 1.8 is demonstrated. The
steady-state estimation error is within ±2◦, practically un-
affected by current level (in contrast to slotted self-sensing
electrical machinery) due to the large effective air-gap. The
proposed observer performs properly also during dynamic
load changes. Fall-times from 3000 to 0 r/min in less than
50 ms with negligible overshoot are demonstrated. Also par-
asitic effects, such as power losses, heating, and torque
ripple are analyzed.

Index Terms—Rotor position estimation, saliency-based
sensorless control, self-sensing, slotless permanent-
magnet (PM) motor.

I. INTRODUCTION

S LOTLESS permanent magnet (PM) motors are preferred
within power tools, machine spindles, turbine generators,

compressors, and turbo-machinery due to their high rotational
speed [1]–[4], subsequently enabling high power density. Ac-
curate control of such motors, using a power electronic inverter,
requires knowledge of the rotor position and speed [5]. This is
typically achieved by using a mechanical position sensor (see
Fig. 1). An alternative is to adopt a sensorless control algorithm
[6]–[9], so as to eliminate the position sensor and subsequently
reduce cost, increase robustness and reliability, and reduce size
[10].
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Fig. 1. Motor module radial cross-section.

While back-EMF-based methods [11]–[14] provide sufficient
control capability in the medium to high speed range, the low
speed range requires active position detection methods [15],
[16]. A prerequisite for low-speed self-sensing capability using
signal injection is an adequate level of magnetic anisotropy
[8], [17]. Furthermore, the 180◦ ambiguity of estimation for
injection-based methods also requires an algorithm for initial
polarity detection [18]–[20].

Many motor types, such as the interior and inset PM motor,
have a natural magnetic anisotropy due to rotor structure [21]–
[23] which enables usage of active position detection meth-
ods. Unfortunately, surface-mounted PM (SPM) motors, such
as the machine type under investigation, exhibit no magnetic
anisotropy based on structure. Instead, such motors can utilize
the position-dependent inductance due to core saturation and
anisotropic permeability of PMs. However, this effect is very
limited in slotless motors (typically less than 1 %) compared
to slotted ones [24], [25], resulting in a low signal-to-noise
ratio. It can be improved by oversampling the phase currents
during their transient response to voltage pulses over several
pulsewidth modulation (PWM) periods [26], enabling position
estimation in slotless PM motors within ±30◦ for rotor speeds
below 200 r/min [25]. However, high-dynamic control of slotless
PM motors requires significantly improved position estimation
capability. Another way to enhance magnetic anisotropy in slot-
ted SPM motors is to utilize a rotor winding [27]–[30], enabling
an asymmetric high-frequency signal response. The method not
only improves anisotropy but also the sensitivity to saturation
and d and q-axis cross-coupling [28], [31] at the expense of
additional rotor losses [32]. Compared to conventional slotted
machinery, the slotless motor type has significant advantages

0278-0046 © 2019 IEEE. Personal use is permitted, but republication/redistribution requires IEEE permission.
See http://www.ieee.org/publications standards/publications/rights/index.html for more information.
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Fig. 2. Axial cross-section of (a) the slotless motor (ia ,b ,c = 0 A, i.e.,
field lines only due to rotor PMs); (b) the proposed rotor structure.

TABLE I
MOTOR DATA

in terms of negligible amount of space harmonics [33], [34]
and very limited saturation effects [24]. Therefore, this paper
presents the previously unprecedented analysis of a short-circuit
rotor-ring design methodology for a two-pole slotless PM mo-
tor, enabling accurate self-sensing control capability in the full
speed-range.

The investigated machine and the application is presented in
Section II. The ring design is made in Section III. The motor
control scheme is described in Section IV. An estimation error
analysis, accompanied by the proposed compensation method, is
presented in Section V. The power losses and resulting thermal
influence, as well as the torque ripple due to the rotor-ring are
considered in Section VI. Finally, Section VII concludes this
paper.

II. INVESTIGATED MOTOR

The investigated motor, sketched in Figs. 1 and 2(a), belongs
to an industrial nutrunner. Deep analysis of such machinery can
be found in for example [1]–[4], [33], [34]. The absence of
slots eliminates cogging torque and provides a practically linear
current versus torque relationship [24], subsequently improving
position control capability. The rotor comprises a solid shaft
carrying axially segmented ring NdFeB-magnets with parallel
magnetization. The stator consists of an overlapping winding
inside a cylindrical stator yoke of axially laminated stator steel.

Original motor data (maintained throughout the study) are
provided in Table I. The proposed rotor-ring is illustrated in

Fig. 3. Typical load profile of an electric motor for handheld nutrunners:
(a) rundown (Trundown ≈ 1s); (b) tightening (Ttight ≈ 0.2s).

Fig. 4. Small-signal flux density distribution at 3125 Hz using the
frozen permeability method for (a) {id ,q (DC) = 0 A, iq (AC) = 1 A}; (b)
{id ,q (DC) = 0 A, id (AC) = 1 A}; (c) {iq (DC) = 60 A, id (AC) = 1 A}.

Fig. 2(b). The typical drive cycle is shown in Fig. 3 characterized
by the high-speed rundown at negligible load, followed by a fast
braking and a low-speed tightening until the target torque.

From a sensorless control point of view, the challenges are
the low speed operation at load and the fast braking capability,
requiring high dynamic speed control.

The small-signal flux density distribution for d-axis ac cur-
rent at different levels of q-axis dc-current have been simu-
lated for {ξ = 60◦, δring = 0.3 mm} in Fig. 4 using the frozen
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Fig. 5. Influence of q-axis current on angular error (id = 0 A). Solid
line shows the mean error while dashed lines show max and minimum
values obtained over one mechanical revolution.

permeability method (i.e., the flux density distribution from PMs
and the fundamental q-axis dc-current determines the small-
signal ac frozen permeability map. As can be seen in Fig. 4(a–b),
the ring has a negligible effect on q-axis ac flux, but significantly
counter-acts d-axis ac flux. This anisotropic reaction yields an
effective ac rotor saliency which can be utilized for accurate
rotor position detection. Fig. 4(c) shows the small signal flux
pattern under heavily loaded conditions (iq = 60 A). While no
significant reduction of the small-signal ac flux densities can be
observed, an increased level of d and q-axis cross-coupling can
be seen (due to core saturation), resulting in an estimation error.
The error angle θerror for id = 1A has been quantified for a wide
range of iq using

θerror = arctan

(
Ψq

Ψd

)
(1)

where Ψd and Ψq are the small-signal d and q-axis flux link-
ages obtained by two-dimensional (2-D) finite-element analysis
(FEA) at 3125 Hz. The results are presented in Fig. 5, showing
only 0.7◦ estimation error at iq = Imax which can be explained
by the large relative air-gap of the investigated machine. At three
times the max current (iq = 60 A), the error is around 6.3◦. Us-
ing (2), the influence of saturation on saliency was investigated;
at max current (iq = 20 A) the saliency decreased with less than
0.2 % compared to the no-load case. At three times the maxium
current (iq = 60 A) the saliency decreased with less than 4 %.

III. RING DESIGN

In this section, the ring dimensions are determined by small-
signal harmonic finite element analysis, deploying the frozen
permeability method (i.e., the flux density distribution due to
PMs determines the frozen permeability map). The goal is to
maximize the saliency, defined as

Zq (ω)

Zd(ω)
=

|Zq,active(ω) + Zew|
|Zd,active(ω) + Zew| (2)

where Zd,active and Zq,active are the d and q-axis active length
impedances, obtained by FEA. Zew = Rew + jωLew is the ana-
lytically computed end-winding impedance [1]. Two parametric
studies have been carried out at no-load (i.e., iq = 0)

Fig. 6. Influence of ring arc angle ξ on saliency (for δring =0.3 mm).

Fig. 7. Influence of ring thickness δring on saliency (for ξ = 60◦).

1) Influence of ring angular width ξ (see Fig. 6).
2) Influence of ring thickness δring (see Fig. 7).

Within the investigated frequency range, results suggest an
angular width not exceeding 60◦, while no upper limitation can
be seen from thickness point of view.

A. Semianalytical Approach

As demonstrated in [29], the d and q-axis active part
impedances Zd,active and Zq,active can be expressed analytically

Zx,active =

[
Ra +

ω2RrxM
2
rx

R2
rx + ω2L2

rx

]

︸ ︷︷ ︸
R eq,x

+jω

[
La − ω2LrxM

2
rx

R2
rx + ω2L2

rx

]

︸ ︷︷ ︸
L eq,x

(3)

where Ra and La are the active length phase-to-phase resistance
and inductance, respectively. Rrx represents the ring resistance
and Lrx the ring inductance. Mrx is the ring-to-stator wind-
ing mutual coupling obtained using the power-invariant Clarke
transformation. The deployed parameter values are summarized
in Table II. The phase-to-phase quantities have been measured,
while ring quantities were extracted from FEA, assuming the
ring current paths shown in Fig. 8.

B. Ring Assembly Considerations

The glued joints between the rotor and copper sleeves have
to withstand the centrifugal forces due to rotation σcentrifugal and
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TABLE II
MOTOR PARAMETERS

Fig. 8. Assumed ring current paths for calculation of: (a) d-axis;
(b) q-axis parameters.

shear stress due to thermal expansion σshear according to

σcentrifugal =
mω2rr

Acontact
, σshear =

ECuAcrossαdiffΔT

Acontact
(4)

where m is the sleeve mass, ω the rotor angular speed, and
Acontact is the contact area between the rotor and sleeve.
ECu is the Young’s modulus of copper and Across the ax-
ial cross-sectional area. αdiff = αCu − αNdFeB is the differen-
tial coefficient of thermal expansion and ΔT the temperature
difference. The centrifugal force at 36 kr/min and shear stress at
ΔT = 150 K result in 287 kPa tensile stress and 360 kPa shear
stress in the glued joint. While both of these values are relatively
low, the thermal cycling, and class H temperature requirements
limit the choice of adhesives to mainly special types of urethane
modified acrylic compounds and epoxies [35].

C. Prototype Evaluation

A ringed-pole rotor [28] was built using commercially avail-
able copper sheet with 0.3 mm thickness (nominal composition
99.9 % copper and 0.042 % phosphor). Two pieces of 100-mm-
long strips [see Fig. 9(a)], each spanning ξ = 60◦ of the rotor
surface, were symmetrically assembled around the d-axis using
glue. The copper sheets were connected in each end using two
parallel conductors of 1.5 mm2 cross-sectional area, as shown
in Fig. 9(b). The prototype saliency was evaluated by connec-
tion to a linear amplifier cascaded with a signal generator. The
d and q-axis impedances were computed in the frequency range
1–15 kHz, deploying Fourier analysis. A LEM PR30 with
100 kHz bandwidth was used for the current measurement,
while voltage was acquired with a SI-9002 differential probe
(25 MHz bandwidth). The experimental results are compared to

Fig. 9. Rotor prototype. (a) Before assembly. (b) Fully assembled rotor.

Fig. 10. Experimental evaluation using signal generator.

simulated and semianalytically computed values in Fig. 10,
showing satisfactory agreement.

IV. SENSORLESS MOTOR CONTROL

The motor was connected to a MACNO TDE OPD F32A
three-phase inverter. The dc-bus voltage was reduced to 42 V
(using a transformer) in order to protect the hardware from over-
currents, yet enabling the intended low-speed tests. Inverter data
can be found in Table III. The manufactured prototype was
evaluated under d-and q-axis locked-rotor inverter supply in
Fig. 11, showing a saliency of Zq

Zd
= 1.45 which is very close to

the experimental results of Fig. 10.
The inverter was controlled by a dSpace 1104, deploying three

external current sensors (LA 55-P) with 200 kHz bandwidth and
0.65 % accuracy at rated current. The prototype was assembled
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TABLE III
INVERTER DATA

Fig. 11. Inverter locked-rotor test at 3125 Hz (Ûh = 20 V).

Fig. 12. Motor test-bench: (a) incremental encoder; (b) self-sensing
slotless motor.

in a test bench and the rotor shaft was connected to an incre-
mental encoder (Kübler 5882) with 2048 increments/revolution.
The test bench is shown in Fig. 12.

The complete motor control algorithm shown in Fig. 13
is desribed in [19] and consists of a conventional cascaded
proportional integral (PI)-controller, controlling the stator cur-
rents and the rotational speed. The current and speed control
loop bandwidths were set to 200 and 40 Hz, respectively.

Rotor position estimation is achieved by injection of a high-
frequency sinusoidal voltage into the stator windings according
to [36]. Using the estimated rotor reference frame dx and qx ,
the injected signals can be expressed as follows [19]:

ux
hd = Ûh cos(ωht) and ux

hq = 0. (5)

The resulting high–frequency q-axis current is processed by
the demodulator into a dc-quantity (γLPF in Fig. 13), contain-
ing the angular information. The rotor position and speed are
finally determined by the PI-observer block (estimator), deploy-
ing feed-forward of the q-axis current.

Since a small rotor movement during startup is acceptable in
the application under study, the rotor is simply aligned to pre-
determined, dc current-vector. The injection signal frequency is

TABLE IV
OBSERVER DATA

preferably chosen as high as possible for achieving the highest
saliency (as shown in Fig. 10), low settling time of estimation,
and minimal frequency interaction between injected and fun-
damental signals [37]. However, the deployed hardware limits
the switching frequency to 25 kHz and subsequently the signal
frequency to 3125 Hz that is, to eight current samples per signal
period. The signal amplitude is set to 5–10 % of the nominal
voltage, resulting in a signal current amplitude of about 3–7 %
of the rated motor current.

A. Observer Parameters

Three different observer parameter setups have been evalu-
ated (Observers A–C, see Table IV).

The results are presented in Fig. 14, where ωest is the estimated
speed, ωref is the reference speed, and ωme is the measured speed
from the encoder. As can be seen, Observer A exhibits fast tran-
sient speed response and short settling time. However, Observer
A also gives uprise to a steady-state second-harmonic speed es-
timation error. To overcome this issue, Observer B is proposed,
unfortunately also resulting in a significantly slower transient
performance. As a compromise, Observer C is finally proposed,
utilizing feed-forward of the low-pass filtered q-axis current to
achieve fast transient response. Observer C exhibits the overall
best performance and is therefore used in the following sections.

V. ESTIMATION ERROR ANALYSIS

Even with an ideal observer, the estimation error is still
aggravated by imperfections in every stage of the drive line
[38]–[41]. The main error sources and their resulting harmonic
order of distortion are summarized in Table V.

Conventional self-sensing slotted electrical machinery suffers
from an increasing estimation error with load due to saturation
effects. Therefore, the influence of saturation and cross-coupling
on estimation error have gained considerable attention in recent
years [8], [31], [42]. However, the simulations conducted in
Section II demonstrate very limited impairment of position esti-
mation in the machine under consideration due to cross-coupling
between d-and q-axis over a wide range of fundamental q-axis
current (see Fig. 5), owing to its large relative air-gap. Within
sensorless control of electric machinery, it is widely known that
inverter nonidealities, such as dead-times, delays, and voltage
drops over power electronics components primarily contribute
to the sixth harmonic estimation error [37]–[40]. Fig 15 shows
the influence of dead-time Td on estimation error in the machine
under investigation at 1200 r/min.

As can be seen, longer dead-time Td significantly increases
the sixth harmonic of the estimated angle error while having
negligible impact on any lower order harmonic amplitude. The
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Fig. 13. Control scheme.

Fig. 14. Experimental results for 1200 r/min step response using
Observers A–C.

results emphasize the importance of careful choice of dead-time,
as well as considering implementation of adequate compensa-
tion algorithms. Unexpectedly, Fig. 15 also shows a significant
second harmonic in the estimation error. It can be shown that an

TABLE V
HARMONIC IMPACT OF POSSIBLE ERROR SOURCES

Fig. 15. Influence of dead-time Td on estimation error at 1200 r/min
using Ûh = 15 V.
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Fig. 16. Experimental results for angular estimation error at 300 r/min
using Ûh = 15 V. (a) Time domain. (b) Fourier domain.

error in any of the current sensor offsets or gains would result in
an estimation error of first and second order, respectively. How-
ever, analysis of the sum of currents isum = ia + ib + ic rejects
both of these potential error sources (all three phase currents
were measured). The influence of possible motor asymmetries
due to nonideal manufacturing have also been analyzed. The
absence of stator slots in slotless machinery enables an asym-
metric winding assembly, making it an important candidate for
further evaluation. Another aspect that requires attention is the
influence of an asymmetrically assembled rotor ring. The influ-
ence of rotor eccentricity also deserves attention. FEA results
indicate that neither rotor eccentricity nor an asymmetrically as-
sembled rotor ring have any influence on the second harmonic.
On the contrary, an asymmetrically assembled winding appears
to be the only possible explanation to the second-harmonic
estimation error. Winding asymmetry may be efficiently com-
pensated by using the following modification of the abc to αβ
transformation:

T =

[
sin(ϕa) sin(ϕb − 2π/3) sin(ϕc + 2π/3)

cos(ϕa) cos(ϕb − 2π/3) cos(ϕc + 2π/3)

]
(6)

where ϕa,b,c are the displacements of phases a, b, and c due to
nonideal manufacturing (ideally ϕa = ϕb = ϕc = 0).

A. Compensation of Winding Asymmetry

The influence of a promising compensation parameter setup
identified by manual tuning (ϕa = −1.1◦; ϕb = 0◦; ϕc = 1◦)
has been evaluated in Fig. 16. The compensation reduces the
second-harmonic estimation error with 80 % at 300 r/min.

Fig. 17. Experimental results for angular estimation error during torque
load at 600 r/min for Ûh = 10 V.

B. Influence of Torque Load

The influence of torque load on estimation error has been
evaluated at 600 r/min. Results are reported in Fig. 17, where
iq = 8 A corresponds to a high load.

As can be seen, the investigated slotless machine exhibits
negligible impair in position estimation at torque load (in con-
trast to conventional slotted electrical machinery). Moreover,
the results in Fig. 17(b) validates the suggested compensation
also under load.

C. Influence of Signal Amplitude

Using the suggested compensation, the influence of signal
amplitude Ûh on estimation error during braking (speed-step
from 3000 to 0 r/min) has been investigated. The results are
shown in Fig. 18. As can be seen, the transient estimation error
during step response can be reduced by more than two-thirds by
increasing Ûh from 5 to 20 V.

VI. PARASITIC EFFECTS DUE TO SIGNAL INJECTION

In this section, the heating and torque ripple due to signal
injection are analyzed in Section VI-A and VI-B, respectively.

A. Power Losses and Thermal Evaluation

The additional power losses due to a rotor ring can be subdi-
vided into—1) the losses generated by the injection signal itself;
2) the time-harmonic losses due to inverter switching; and 3) the
losses due to the space harmonics caused by the stator winding
[32]. However, unlike slotted machines, the investigated slot-
less machine exhibits negligible levels of magneto-motive force
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Fig. 18. Experimental results for angular estimation error during brak-
ing using different signal amplitudes.

Fig. 19. Additional power losses due to signal injection from
FEA-simulations.

space-harmonics [34]. Therefore, only power losses generated
by the signal injection and time harmonics (a–b) are treated
below.

1) Signal Injection Losses: The additional power losses
due to signal injection have been evaluated using 2-D FEA
for different signal amplitude levels in the frequency range
1–15 kHz. The harmonic impedances, necessary to determine
the current levels, were obtained with (3). Stator copper and
rotor-ring losses have been considered, while iron losses have
been neglected. The results are shown in Fig. 19. As expected,
power loss minimization is not only favoured by a low signal
amplitude, but also high signal frequency (due to the increasing

Fig. 20. Phase-to-phase voltage spectrum at 30 kr/min showing first
two time-harmonic sideband groups for 25 kHz switching frequency.

TABLE VI
RING HEATING CONTRIBUTION

skin-effect in the rotor ring). The stator power losses dominate
until 1.5 kHz, whereafter rotor ring losses become the predom-
inant loss source.

2) Time-Harmonic Losses: In this section, the additional
time-harmonic motor losses due to presence of the rotor-ring
are simulated for two different switching frequencies (fsw):
25 and 50 kHz. The typical inverter comprises a two-level
three-phase inverter with a 325 V dc-bus, deploying symmet-
rical regular sampled PWM with third-harmonic injection of
one-sixth of the fundamental magnitude. The typical no-load
time-harmonic voltage spectrum for fsw = 25 kHz considering
the first two harmonic sideband groups is shown in Fig. 20. The
figure shows the stator reference frame (αβ) as well as the rotor
reference frame (dq) voltage spectrum. Using [43], it can be
demonstrated that the harmonic components during no-load in-
teract to create mainly a pulsating q-axis voltage, subsequently
creating a predominantly pulsating d-axis current. Utilizing (3),
the current amplitudes can be approximated, and their resulting
ring power losses can be evaluated using FEA. For a simplified
loss analysis, the resulting rms currents of the two considered
sideband groups in Fig. 20 are injected in the d-axis using 2-D
FEA at their respective multiple of switching frequency. The
ring losses at fsw = 25 kHz and fsw = 50 kHz are estimated to
3.1 and 1 W, respectively.

3) Thermal Evaluation: Utilizing the axi-symmetric ther-
mal model for slotless motors in [44], which takes into account
temperature dependency of materials, the impact of the esti-
mated additional ring power losses have been evaluated. The
rotor-ring was represented by a 0.1 mm copper layer at the ro-
tor surface, thus maintaining the same axial cross-sectional ring
area. The thermal impact of the time-harmonic and signal injec-
tion losses for a set of different configurations are summarized
in Table VI. As can be seen, the choice of both the switching
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TABLE VII
TORQUE RIPPLE

frequency and injection signal amplitude can have a significant
impact on heating. However, the required experimental evalua-
tion is outside the scope of this paper.

B. Torque Ripple

The output torque at rated load (Tmax) has been simulated
using time-stepping 2-D FEA, assuming no estimation error.
As can be seen in Table VII, the resulting torque oscillation is
proportional to the signal amplitude, and in the range 0.3–1.6%
of the rated torque. Even though the torque ripple is efficiently
filtered out by the rotor inertia, an audible noise remains de-
tectable.

VII. CONCLUSION

This paper presented a two-pole slotless motor with self-
sensing capability. Effective saliencies of up to 1.8 were demon-
strated. The manufactured prototype exhibited promising speed
and position estimation performance. Utilizing the suggested
compensation scheme for winding asymmetry, the steady-state
estimation error was within ±2◦. The proposed observer also
performed properly during dynamic load changes. Fall-times
were demonstrated from 3000 to 0 r/min in less than 50 ms with
negligible overshoot. In contrast to its slotted counterparts, the
investigated slotless machine exhibited negligible impair of po-
sition estimation with increased torque load. Also the ring losses
and its thermal impact, as well as the torque ripple due to signal
injection was analyzed and successfully quantified. Future work
includes tests at full dc-bus voltage and torque load, as well as
experimental evaluation of the ring losses.
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Abstract
In this paper, an inverter with wide bandgap transistors was designed, experimentally evaluated and compared to a
conventional IGBT-based inverter in a three-phase slotless PM motor drive. Using the developed inverter, GaN and
SiC transistors (650 V) were experimentally tested using switching frequencies up to 48 kHz. Despite operation
at significantly higher switching frequencies, the inverter efficiency was increased from approximately 90 to 95 %
by using wide band-gap transistors. Furthermore, a system weight reduction of up to 50 % was enabled due to
the elimination of the inductive filter and use of a smaller heatsink (due to lower losses). By combining the wide
band-gap technology with a new slotless 4-pole motor type, the total system losses can be reduced by more than
30 %.

Introduction
Wide bandgap transistors, such as silicone-carbide (SiC) and gallium-nitride (GaN) FETs, enable significantly
higher switching frequencies than their silicon-based counterparts, and thereby higher efficiencies in many ap-
plications [1]. For voltages below 300 V, GaN-devices are emerging as the main contender to conventional Si-
technology, while SiC-devices are preferred above 800 V. In the 300–800 V region, both GaN and SiC technolo-
gies are considered competitive [1]. The worldwide dominance of the 230 V-grid (i.e., 325VDC rectified) yields an
unrivalled number of potential applications for 650 V power transistors. A bottleneck for commercial success of
wide bandgap transistors is their special gate-drive requirements [2]. Therefore, two equivalent 650 V devices with
standard gate-drive requirements (one GaN and one SiC Cascode), were experimentally evaluated and compared
with a conventional IGBT-based system.

Background
Industrial nutrunners are widely used within series manufacturing ranging from mobile phones to white goods,
automobiles and airplanes. The typical nutrunner load cycle is shown in Fig. 1, characterized by a high-speed
rundown at low torque, followed by a low-speed tightening until the target torque is reached.

Fig. 1: Typical nutrunner load cycle.
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Fig. 2: a) 2-pole motor; b) 4-pole motor cross-section.

The slotless motor type enables high power density and thereby compact, ergonomic solutions [3, 4]. Two different
slotless motors [3] have been included in this study (see Fig. 2).



A typical industrial nutrunner system, shown in Fig. 3, comprises of a grid connected rectifier, followed by a DC-
bus capacitor bank, a three-phase 2-level inverter, a motor filter, and finally, an electric motor. The purpose of

Fig. 3: Schematic overview of an eletrical nutrunner system.

the motor filter is to suppress the harmonic currents generated by the inverter PWM-process (see Fig. 3a–b). The
harmonics generate undesired additional motor losses which reduces the drive performance.

Wide bandgap transistors have emerged as viable candidates to the conventional insulated gate bipolar transistor
(IGBT) in the voltage range 600-1200 V. These enable reduced static power losses as well as lower dynamic losses
[6]. Subsequently, increased switching frequencies are possbile and thereby a reduced filtering requirement [7]. In
a previous study, the performance of SiC MOSFETs were compared with conventional IGBTs, enabling a power
loss reduction of up to 60 % during the tightening stage (for the same chip area) [6].

However, rundown losses are dominated by magnetic losses in the motor [5], of which the harmonic part may
be substantial. These losses can be reduced by the use of an often large and bulky inductive filter. Therefore,
the influence of switching frequency on harmonic motor losses was investigated in [7] with the aim to eliminate
the motor filter. The results showed that filter elimination can be enabled by utilization of a 40 kHz switching
frequency combined with shorter rotor magnet segments. Unfortunately, the inverter losses during no-load did not
significantly benefit from the transition to wide band-gap technology. Furthermore, it was found that inverter losses
at no-load mainly relate to the charging of the parisitic drain-source capacitance, indicating the need to minimize
the chip-area for inverter-loss suppression during the rundown stage.

Therefore, the following section describes the design of a wide band-gap inverter, intended for an industrial nu-
trunner, with significantly enhanced power-to-weight ratio using commercially available wide band-gap power
transistors and gate-drivers.



Wide band-gap inverter design

The selected inverter drive circuitry limits the possible power transistors to ones with standard gate-drive capability
(VGS = 0− 15V ). Two wide bandgap transistors, one GaN and one SiC (both Cascode types) type with similar
RDS-values and 650 V voltage rating, were included in the study. The fundamental properties of the selected power
transistors are summarized in Table I. As can be seen in Table IV, the SiC device has a higher current rating Imax
than the GaN device, at the expense of a greater gate charge requirement Qg as well as a larger output capacitance
CO. Moreover, the gate threshold voltage VGS,th of the SiC device is higher than that of the GaN. This may play a
role for the switching dynamics, and thereby efficiency.

Table I: Power transistor data.

Type Designation Case RDS,25 ◦C RDS,175 ◦C VGS,th VGS,max Qg CO RθJC

GaN TPH3207WS TO247 35mΩ 83mΩ 2.1 V ±18V 28 nC 404 pF 0.8W/◦C
SiC UF3C065030B3 D2PAK 30mΩ 43mΩ 5 V ±18V 51 nC 520 pF 0.48W/◦C

The developed inverter, equipped with SiC-transistors, is shown in Fig. 4. The PCB consists of 8 copper layers.
A reinforced insulation barrier (6.4 mm) separates the high (HV) and low voltage (LV) sides. The inverter is
controlled by a serial communication with the Cortex ARM processor, located at the low voltage side.

20
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m
m

50 mm
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Fig. 4: The developed (SiC) inverter prototype. Fig. 5: The developed (GaN) inverter prototype.

One of the phase-legs of the SiC-inverter is shown in Fig. 6. The key drive-circuit components are summarized
in Table II. As can be seen, commercially available MOSFET-drivers with high dv

dt -immunity are used, resulting
in a simple drive circuit. A bootstrap configuration is utilized for driving the upper switch of the half-bridge.
Furthermore, low-ESR ceramic DC-link capacitors are used to enable fast switching. The drive-circuit has been
designed for minimal inductance by shortening of traces, avoiding vias, and deploying a solid ground plane. An RC
switch-node snubber circuit (Rsnubber = 10.2Ω; Csnubber = 220pF) was utilizied to mitigate commutation transients.
The 2-level inverter is connected to a 325 V DC-bus via a cable, and is controlled by a CPU located on the same
board. The rise and fall times were set to approximately 20 ns by adjusting the gate drive voltage and utilization



of separate turn-on and turn-off resistors (see Table IV). The following chapter describes the measurement setup
utilized in this paper.

a)

b)
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d)
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Fig. 6: SiC inverter phase leg.

Table II: Phase leg components.
Component Casing Specification

a) Half bridge driver SI8233 SOIC16W 8-24 V supply voltage
b) DC-link capacitor TDKC5750X6S 2220 2.2 uF, 450 VDC, X6S
c) Power transistors see Table I see Table I VDS = 650V
d) Current transducer ACS724KMA SOIC16W Irange =±65A

Experimental setup and procedure

In this setup (see Fig. 7), the inverter input power (PDC), output power (PAC) and motor mechanical output power
(Pmech) were measured. The inverter was supplied by two parallel-connected DC-power supplies. As previously
described (see Fig. 1), the nutrunner load cycle can be separated into the high-speed no-load operation; and the low-
speed high-torque operation. Therefore, the experimental results were subdivided into no-load tests and load-tests.
For improved accuracy of the spectral power-loss analysis during no-load, a high-resolution and high-bandwidth
power meter was used for the no-load tests. A conventional steady-state power meter was used for the load-tests.
The equipment involved is summarized in Table III. The inverter and motor losses were computed according to:

Pinverter,loss = PDC−PAC, Pmotor,loss = PAC−Pmech (1)

Fig. 7: Schematic overview of the experimental setup.

Table III: Equipment

Description Equipment Description
DC power supply 2 // Delta Elektronika SM 400 AR - 8 2 // {400 V, 4 A}
No-load power meter Lecroy MDA 803 with HVD3106; CP031 2-wattmeter method; BW: 100 MHz
Load power meter Norma 5000 with 10 A external shunts 3-wattmeter method; BW: 500 kHz
Eddy-current brake Magtrol 2WB43-HS Max: 3kW; 65000 rpm; 3 Nm



The inverters under study are shown in Fig. 8 and their key data are summarized in Table IV. The IGBT-based
system utilized a three-phase motor-filter (integrated inside the inverter) and adopted a switching frequency of
16 kHz during rundown and 8 kHz during tightening. The GaN- and SiC-inverters were equipped without a filter
and therefore adopted a 48 kHz switching frequency in order to not increase the levels of current ripple.

a) GaN-inverter b) SiC-inverter c) IGBT-inverter

Fig. 8: The inverters under test: a) GaN inverter; b) SiC-inverter and c) IGBT-inverter.

Table IV: Inverter comparison

Type Umax Imax fsw Filter Rg,ON Rg,OFF Ugate

a) GaN 650 V 47 A 48kHz NO 47 Ω 12 Ω 9 V
b) SiC 650 V 66 A 48kHz NO 22 Ω 5.1 Ω 12 V
c) IGBT 1200 V 48 A 16/8kHz 3 x{800µH, 52mΩ}



Experimental results

As described in the previous section, the tests were subdivided into a high speed no-load study, followed by a
low-speed high-torque study.

No-load tests

The no-load power loss data were aquired with the high bandwidth, high resolution power analyzer (Lecroy MDA
803) by deploying the 2-wattmeter method. The experimental setup is shown in Fig. 9. Measurements were
conducted by collecting 1 s of data at a sampling rate of 10 MHz.

Motor

Inverter

Fig. 9: SiC-inverter no-load test-setup.

a)

b)

c)

Fig. 10: a)-c) SiC-inverter assembly for
load tests.

The motor power losses were transformed into frequency domain and averaged over 50-666 fundamental periods
(depending on the speed). The power loss spectrum at 36 krpm (using the SiC-inverter) is shown in Fig. 11.

The fundamental losses (P0) and harmonic losses (Ph) could easily be separated. The harmonic losses (Ph) are
computed as the aggregate losses of the four first harmonic subgroups as shown in Fig. 11.
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Harmonics, Ph

Fig. 11: 2-pole motor no-load power loss spectrum at 36 krpm using SiC-inverter.

The resulting harmonic motor losses and no-load RMS-current are shown in Fig. 12. Even though RMS-currents
in the 2-pole motor in general were slightly lower when fed by the wide band-gap inverters, harmonic motor losses
increased by a factor of 3, which indicates a large proportion of magnetic losses. The 4-pole motor exhibits up to
30 % higher levels of harmonic losses under SiC-inverter supply than its 2-pole counterpart.

The system no-load power losses are displayed in Fig. 14, showing that no-load losses at low speeds are dominated
by the inverter while motor losses dominate at high speeds. The 4-pole motor exhibits approximately twice the
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Fig. 12: No-load test results: a) RMS-current; b) Harmonic motor losses.
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Fig. 13: Gearbox.

fundamental losses at 30 krpm than the 2-pole motor. Note that the 4-pole motor top speed was 32 krpm. The
decrease of wide band-gap inverter losses with speed is mainly explained by the aforementioned increase in current
ripple, which reduces the losses related to the capacitive charge-up of the parasitic drain-source capacitor during
commutation.
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Fig. 14: No-load system power loss comparison.

Moreover, inverter losses are similar for both the SiC- and GaN-inverter, which can be explained by their similar
output capacitance. Another important observation is that, the IGBT-based inverter and the wide band-gap inverters
have similar loss levels (15-20 W) in the speed range 20–40 krpm despite the significant difference in switching
frequencies. Furthermore, Fig. 14e shows that the gear (depicted in Fig. 13) is responsible for up to 50 % of the
total no-load losses at full speed, while harmonic losses account for less than 15 % of the total no-load losses.



Load tests

The electric motor was assembled according to Fig. 15 and connected to the power meter (Norma 5000) using the
3-wattmeter method via external 30 A current shunts and a virtual ground-box as depicted in Fig. 16. The speed
and torque signal from the eddy-current brake were aquired into the power meter, enabling a mechanical power
measurement. All measurements were made at 20 % of the maximum speed (i.e., 8 krpm), which is a typical
tightening speed. The measurements were conducted at room temperature (23−28◦C) during 1–3 s.

Brake

Motor

Inverter

Fig. 15: The motor-brake test setup.

Motor

Brake

Power Meter

DC-supply

Fig. 16: Complete motor-brake test setup.

The inverter losses are presented in Fig. 17, showing that wide band-gap technology reduced inverter losses by
up to 50 % in the whole range, with a slight advantage for the GaN-based design. The motor losses are shown
in Fig. 18, demonstrating around 25 % increased torque-to-power-loss ratio for the 4-pole motor compared to the
2-pole motor.
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Fig. 17: Load related inverter losses at 8 krpm.
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Fig. 18: Load related motor losses at 8 krpm.

The total system losses are summarized in Fig. 19. The motor dominated the generated power losses at higher
torques. Compared to the IGBT-based inverter, the utilization of wide bandgap transistors enabled an increase of
the inverter efficiency from approximately 90 to 95 %.

Finally, the system efficiencies at 8 krpm are plotted in Fig. 20. While the conventional IGBT-based 2-pole drive
only enabled efficiency of up to 60 %, the wide band-gap inverter based 4-pole drive enabled up to 75 % system
efficiency which equals more than 30 % system loss reduction.
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Fig. 19: Load related system power loss comparison at 8 krpm.
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Fig. 20: System efficiency comparison at 8 krpm.

Systems comparison

The IGBT and WBG drives are displayed in Fig. 21. In the WBG-system, the operation at higher switching
frequencies eliminates the filter. Furthermore, the reduced inverter losses decreases the size of the heatsink by
around 50 %. The total weights of the two drive systems are compared in Fig. 22, showing that the WBG-drive
yields a weight reduction of almost 50 %.
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Fig. 21: System comparison.
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Fig. 22: System weight comparison.



Electromagnetic Compatibility

The radiated electromagnetic emissions were measured at a distance of 1 m. A biconical antenna was utilized
for the frequency range 30 MHz–200 MHz (see Fig. 23), while a log-periodic antenna was utilized for the range
200 MHz–1 GHz. Horizontal and vertical antenna orientation was investigated, as well as several different posi-
tions of the DUT. Neither antenna orientation nor DUT position made any significant difference on the outcome.
The drive passed the class B limits in the 200 MHz–1 GHz, but not in the lower range (30 MHz–200 MHz). The
test setup is displayed in Fig. 23 and the associated results in the 30 MHz–200 MHz range are plotted in Fig. 24.
As can be seen, class B limits are exceeded regardless of motor speed. Moreover, a significant difference in the
emitted spectrum can be observed due to speed.

DUT

DC-supplies

Fig. 23: EMC measurement setup

Fig. 24: Emitted EMI.

Conclusion

A wide band-gap inverter was designed and experimentally evaluated along with a conventional IGBT-based sys-
tem. The wide band-gap inverter switching frequency was set to 48 kHz in order to output equivalent levels of
current ripple as the filtered IGBT-based counterpart, switching at 16 kHz. Even though the system losses during
rundown increase by around 10 % when utilizing the developed WBG-inverter (due to an increased level of har-
monic losses), the total system benefits from the lower tightening losses as well as the significantly reduced system
weight. The GaN-based inverter performs slightly better than the SiC-based one in the complete load range, despite
its significantly higher RDS,on at elevated temperatures. Apart from a weight reduction by up to 50 % (due to elim-
ination of the inductive filter and a smaller heatsink), the inverter efficiency can be increased from approximately
90 to 95 % by using SiC/GaN-transistors. Furthermore, it is found that the gear accounts for up to 50 % of the
system losses during rundown. Finally, by combining the wide band-gap technology with the 4-pole motor, system
loss reductions of up to 30 % were achieved. Future work includes motor design for rotor heating mitigation (due
to an increased level of harmonic losses), as well as investigation of EMI-related issues and their counteraction.
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