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Abstract

The effect of nonlinear friction and freeplay in the control system on flut-
ter is investigated for the case of light aircraft with manually operated control
surfaces. A standard linear modal subspace model of the aeroelastic system is
extended with nonlinear terms, so that time-domain simulations can be per-
formed. Furthermore, the harmonic balance method is employed to obtain
a frequency-domain formulation, which allows a convenient, though approxi-
mate, computation of the stability boundary. Comparison with time-domain
analyses for the case of a full aircraft configuration show that typical magni-
tudes of hinge friction can stabilize oscillations with small displacement am-
plitudes, while large amplitude motion remains unstable. Harmonic balance
methods can be used to determine if such a behavior is present, but time-
domain computations are necessary to evaluate the response of the system to
a given excitation.

Introduction

Light utility aircraft, gliders and small regional airliners are often equipped with

manually operated control systems. In contrast to hydraulically powered systems,

pushrod- or cable-actuated control surfaces are free to rotate unless the stick (or

column) is blocked. In some cases, trim springs provide a small attachment stiffness.

As a result, aeroelastic stability is often governed by inertia and balancing properties

of the control surfaces and actuation elements [1, 2].

Rotating joints and cable guides generate friction forces which counteract the

motion of the control surfaces and may develop freeplay during the operational
lifetime of the aircraft. Both friction and freeplay are known to considerably affect

aeroelastic stability [3]. Nevertheless, these factors are not often accounted for in

flutter analyses, presumably because certification rules do not require it [4, 5].

Methods to model the effects of nonlinearities in aeroelastic stability analysis

have been presented earlier. For example, Breitbach [3] describes the use of the first-
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order harmonic balance approach to determine the stability of configurations with

control system nonlinearities. Dowell et al. [6, 7] show experimental investigations

and analyses of a two-dimensional airfoil-flap system with a freeplay nonlinearity.

The latter incorporate even time-domain computations using an aerodynamic model

of the indicial function type, followed by explicit solutions for the stability problem
of the two-dimensional case. The investigators find that, for some conditions, the

first-order harmonic balance approximation is not sufficient to correctly predict the

motion waveform found in experimental studies and time-domain simulations.

In the present work, the standard harmonic balance method is applied to the

aeroelastic stability analysis of a full aircraft configuration including both hinge

friction and freeplay. Results of the approximate Laplace-domain stability analysis

are compared to time-domain simulations. The aim of the present study is the

identification of nonlinear parameters which significantly influence the stability of a

practical configuration, and further, to establish if the first-order harmonic balance

method is a permissible simplification for the critical condition.

Control system nonlinearities

To name a typical example, the elevator control of the ASK 21 glider contains 19

rotating joints. Freeplay and friction are likely to occur in most of these mechanical

connections, and could hence be regarded as distributed nonlinearities. For the

present study however, both friction and freeplay are assumed to be concentrated in

the hinge rotation degree of freedom in order to limit the number of parameters

needed to describe the nonlinear system.

A linear control system model accounts for the attachment stiffness (if any) and

the effective inertia of the actuation elements such as pushrods, levers and cables.

The nonlinear control system deviates from the latter in the following aspects:

• Within the freeplay region, the control surface is assumed to be disconnected

from the pushrod or cable actuation inside the aircraft. As a result, the

attachment stiffness drops to zero.

• Furthermore, the inertia resisting control surface motion is reduced as the

internal actuation components do not move as long as the control surface

deflection remains within the freeplay range.

• For deflections exceeding the freeplay limit, a friction moment opposes the

motion. The magnitude of friction is assumed to be independent of velocity

and displacement amplitude (Coulomb friction).

• Mechanical stops provide a one-directional stiffness for very large deflections.

Most of the existing work on freeplay nonlinearities focuses on the first item,

probably because the stiffness drop would be of major importance for powered

control systems with a large attachment stiffness. For manually operated controls,
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the second item has a much larger influence since the inertia of the internal links

and pushrods can be comparable to the rotational inertia of the aerodynamic control

surface itself. Finally, the effect of limit stops is not modelled in this study, as

oscillations of such amplitude are likely already damaging the aircraft structure.

Hence, it is considered more important to predict amplitude growth rates than to
simulate destructive motion.

Friction and freeplay model

In order to allow the modification of existing fully linear models, all nonlinear

effects are described as differences with respect to the linear case. Three variables for

each control surface are used to characterize these deviations:

• Jf is the reduction of the rotational inertia J experienced for motion within

the freeplay range.

• The moment Mk is used to express the attachment stiffness drop.

• Finally, a hinge moment Mc with magnitude c counteracts the control surface

motion whenever the deflection is larger than the freeplay limit.

Figure 1 schematically shows the magnitude of the above terms for simple har-

monic motion of the control surface deflection δ. For clarity, the amplitude a is

chosen as only three times the freeplay limit δf , which is marked grey in the top

left plot. The stiffness loss moment Mk is defined as a function of the deflection δ

according to

Mk =

{

kδ(t) for |δ(t)| < δf

kδf for |δ(t)| ≥ δf .
, (1)

where k is the attachment stiffness. This term corresponds to the freeplay stiffness
model used by e.g. Tang [6] and Liu [7]. The additional friction moment Mc is

nonzero for sufficiently large deflections, as in

Mc =







0.0 for |δ(t)| < δf

c for |δ(t)| > δf and δ̇ < 0.0

−c for |δ(t)| > δf and δ̇ > 0.0

, (2)

so that it always opposes the direction of deflection velocity. Within the freeplay

region, the control surface is disconnected from the mechanical components which

transmit the friction moment. Lacking experimental evidence which would suggest

another model, Coulomb friction is assumed [3, 8]. Measurements are necessary to
determine the friction parameter c and the amount of freeplay δf for the aircraft

type in question. Ideally, data for several individual aircraft would be available to

obtain information on a likely range of values.

Using these expressions, the isolated equation of motion for the control surface

rotation δ can be written as

(J − Jf (δ)) δ̈ + kδ = Mc(δ, δ̇) + Mk(δ), (3)
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Figure 1: Sketch of nonlinear terms for a = 3δf

where aerodynamic loads are omitted for brevity of notation.

For an aircraft with multiple control surfaces, one model of the form (3) is

constructed for each. Since aeroelastic analyses are usually performed on a modal

subspace model of the full aircraft, all control surface deflections and hinge moments

are expressed in terms of modal coordinates and generalized forces, as described in

the following.

Modal subspace formulation

Assuming small elastic deformations of the aircraft structure and a finite-element

discretization, the equations of motion can be written according to

Mẍ + Kx = fa(t,x, ẋ, . . . ) + fn(t,x, ẋ), (4)

where M is the mass matrix, K is the stiffness matrix and fa a vector of aerody-

namic forces. Forces resulting from control system nonlinearities are here expressed

as forces in structural degrees of freedom fn. Equation (4) is reduced by projec-

tion with a number of mass-normalized structural eigenvectors zi collected in the

columns of the subspace matrix Z . This introduces a new, much smaller set of

variables y so that

x = Zy, My = ZT MZ, Ω = ZT KZ (5)

M yÿ + Ωy = ZT fa(t,x, ẋ, . . . ) + g(t,y, ẏ). (6)
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Here, g is the representation of nonlinear control system moments in terms of modal

forces. In the absence of freeplay, My becomes the unit matrix and Ω is a diagonal

matrix of the squared structural eigenfrequencies ω. If freeplay is taken into account,

My depends on the magnitude of the parameter δf as described in the following.

In order to express hinge moments as modal forces g, a projection is constructed.
Figure 2 shows a sketch of a control surface attachment. Assume that the points A

and B are nodes of a finite element model of the aircraft structure. The control

surface deflection δ in (3) is defined as a linear combination of structural displace-

ments in these nodes. To simulate a pushrod actuation, δ can be written as the scaled

difference of translations between A and B in the direction of the rod. Alternatively,

the difference of rotations of A and B in the plane normal to the drawing could

be used to approximate a torque-tube drive. Using such a representation, control

Figure 2: Sketch of the control surface actuation

surface deflections can be written as functions of modal displacements, and modal

forces in terms of hinge moments, according to

δj(t) =

ne
∑

i

Pijyi and gi =

nδ
∑

j

Pij(Mcj + Mkj), (7)

where Pij are the elements of a projection matrix P which contain the contribution

of the modeshape zi to the deflection of the control surface j. For the example given

above, the projection matrix elements would contain the difference of rotations in

the finite-element nodes A and B for each eigenmode. Assuming mass-normalized

eigenvectors, the subspace mass matrix My is then obtained as a modification of

the unit matrix using a diagonal matrix Jf which holds the mass defect Jf for each

control surface where |δj(t)| < δf , and zero otherwise, according to

My = I − P Jf (δ)P T . (8)

Aerodynamic model

Aerodynamic loads are computed by means of a boundary element method which

solves the incompressible unsteady potential flow equations [9]. An unstructured

mesh of the wetted surface is used, and panel clustering in combination with iterative

solvers accelerates the solution. The advantage of this method for the current study
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is the possibility to obtain both time-domain loads of the form fa(t) in (4), as well

as frequency-domain generalized aerodynamic force matrices for stability analyses.

Frequency-domain loads for small modal deformations are computed for a num-

ber of discrete frequencies, assuming undamped harmonic motion. During flutter

analysis, the modal aerodynamic loads are then evaluated by means of cubic spline
interpolation of the load matrices in frequency.

Time-domain analysis

All of the time-domain analyses presented here were obtained by computing the evo-

lution of the modal displacement coordinates y of the aeroelastic system, starting

from a disturbed initial state. First, the static aeroelastic equilibrium for a given air-

speed is computed by means of Newton’s method applied to (6) with ÿ = 0. Then,
the equilibrium state yeq is disturbed by adding a specified offset corresponding to

a certain control surface displacement. The evolution of the elastic states is then

computed by means of numerical integration of (6) using the second order accurate

implicit midpoint rule [10]. The application of a symmetric, fully implicit time

integration scheme was found to be necessary in order to avoid the introduction of
numerical damping by the integration procedure. Explicit time integration, which is

much more efficient, could be used to simulate cases with strong damping or ampli-

fication, but fails to yield consistent results if the aeroelastic system is characterized

by weak damping.

Non-linear forces can be readily integrated into a time-domain analysis, but it is

quite tedious to investigate the stability properties of a configuration in this manner.

Frequency-domain methods are more suitable for such a task since they can be used

to directly determine the stability boundaries.

Laplace-domain stability analysis

Assuming damped harmonic motion of the form x(t) = x̂ept, the linear aeroelastic
equation of motion can be written as

(

Mp2 + K
)

x̂ept = fa(t, p, x̂, . . . ) (9)

for p = σ + iω, where σ is the damping constant and ω the angular frequency of

oscillation. A modal subspace projection as described above is applied to (9) in order

to reduce the dimension of the problem. Furthermore, the aerodynamic loads fa

are obtained for simple harmonic motion only, which yields a frequency-dependent

complex matrix of modal aerodynamic forces A(ω), so that

(

Ip2 + Ω − qA(ω)
)

ŷ = 0. (10)

Here, q is the dynamic pressure. Equation (10) is a nonlinear generalized eigenvalue

problem for the complex frequency p and complex eigenvectors ŷ, since A depends
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on ω = Im(p) in a nonlinear manner. Strictly speaking, the approximation A(p) ≈
A(ω) is only valid for weakly damped (or amplified) motion, i.e. at the flutter

boundary.

Approximation of nonlinear terms

In order to approximately account for the effects of control surface nonlinearities

in the frequency-domain stability analysis, a first-order harmonic balance method is

used [11, 12]. A similar approach is proposed by Breitbach [3], Tang et al. [6] and

Liu and Dowell [7].

The harmonic balance approximation builds upon assumed undamped har-

monic motion, similar to the representation of aerodynamic loads. Therefore, the

prediction of damping factors should be considered approximate. For control surface

motion of the form δ(t) = aeiωt, the response of the control surface nonlinearities

is computed in terms of hinge moments. Obviously, this response depends on the

relative magnitude of the amplitude a of control surface motion in comparison to

the freeplay range δf . Then, a Fourier series expansion of the response is com-
puted, of which only the fundamental harmonic is retained. In this way, the hinge

moments can be approximated by expressions of the form

Mk(a eiωt) ≈ kf (a) a eiωt (11)

Mc(a eiωt) ≈ kc(a) a eiωt, (12)

where the same notation as in erefdelta is used. Due to their direct proportionality

to the deflection δ(t), the nonlinear moments enter the problem (10) as (complex)

stiffness terms. The functions kf and kc describe the dependence on the deflection

amplitude a as in

kf (a) =
2k

π





δf

a

√

1 −

(

δf

a

)

2

+ arcsin
δf

a



 (13)

kc(a) = i
4c

aπ

(

δf

a
− 1

)

, (14)

where i is the imaginary unit. Similarly, the reduction of inertial forces for motion

within the freeplay region is described by a coefficient mf according to

mf (a) =
2Jf

π



arcsin
δf

a
−

δf

a

√

1 −

(

δf

a

)2



 . (15)

This term is used to modify the modal mass matrix.

The approximative terms for mass and stiffness variation due to freeplay only

depend on the ratio of freeplay to oscillation amplitude. A Coulomb friction com-

ponent however introduces an additional (imaginary) stiffness contribution which
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increases with decreasing amplitude of control surface motion. This results from the

fact that the friction hinge moment does not depend on the surface displacement.

By means of the projection (7), the eigenvalue problem (10) can be extended so

that
(

Map
2 + Ka − qA(ω)

)

ŷept = 0, (16)

where the mass matrix Ma and stiffness matrix Ka are modified to account for

friction and freeplay using the expressions (13) - (15), which yields

Ma = I − P diag (mfj(a)) P T (17)

Ka = Ω− P diag (kfj(a) + kcj(a)) P T , (18)

using the harmonic balance terms for all control surfaces j = 1...nδ . For the cur-

rent study, each control system component can have different freeplay and friction

properties, while the amplitude of oscillation a is assumed to be the same for all

control surfaces in order to limit the number of model parameters.

If (16) has a solution with Re(p) = 0 for a certain value of a, this means that

an undamped oscillation can exist with such a magnitude that the control surface

motion reaches an amplitude of a. For configurations with multiple control surfaces,

this introduces an inconsistency. A solution vector ŷ to (16) can be scaled with an

arbitrary factor and still solves (16). With multiple control surfaces, a single scaling
is not sufficient to fullfill one amplitude condition for each surface. Therefore,

it is concluded that the form (16) is not suitable to predict the amplitude of the

undamped motion.

The first-order harmonic balance approximation introduces such a drastic sim-

plification that an accurate amplitude prediction is unlikely in any case [7]. Rather,

the aim of solving (16) is to evaluate the influence of amplitude-dependent nonlin-

earities on the stability boundary.

Solution of the eigenvalue problem

The eigenvalue problem (16) is solved using the modified p-k method by Bäck and

Ringertz [13]. Instead of tracking modes, the method (in its simplest implemen-

tation) uses bisection for each eigenmode to find the angular frequency ω so that

p = σ + iω is a solution to (16).

If nonlinear control surface effects are considered, the solution depends on the

additional parameter a. The nonlinear terms affect the solution more for smaller

amplitudes, as the definitions of the harmonic balance modifications (15) - (14)

show. In the simplest case, (16) can be solved for a range of amplitude parameters,

and the results presented as the lowest critical flutter speed (corresponding to the
smallest dynamic pressure q for which Re(p) ≥ 0) as a function of amplitude. In

the following, this type of analysis is called an amplitude sweep.

Such a plot reveals the sensitivity of the stability limit on the amplitude of

motion for a specific set of freeplay and friction parameters. As an example, con-

sider the absence of relevant freeplay and a significant amount of friction, which is
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probably typical for a newly fabricated aircraft with manual controls. Equation (14)

shows that the friction term acts as an additional (imaginary) stiffness which can

increase the lowest critical flutter speed for small motion amplitudes. In physical

terms, there can be speed ranges for which the aeroelastic system is stable for small

motion amplitudes, but unstable for large amplitudes. This rather dangerous type
of behavior has in fact been encountered [2]. Multiple flutter analyses as a function

of the control surface motion amplitude parameter can yield information on the

range of critical flight speeds. Furthermore, the amplitude dependence could give an

indication of the excitation amplitudes required during flight flutter testing in the

relevant speed ranges.

Since both freeplay and friction are most likely to change during operation, an

alternative type of analysis can be used to evaluate the effect of changes to these

parameters on critical flutter speed. The motion amplitude parameter can then be

eliminated by means of non-dimensional values to describe friction and freeplay. In

this study, these dimensionless parameters are defined according to

rf =
a

δf

and rc =
a k

c
. (19)

Hence, larger parameters r correspond to motion involving large control surface

deflection amplitudes, and small parameters indicate stronger impact of friction and

freeplay. This type of solution is later referred to as a parameter map.

Results for an example configuration

Possible applications of the analysis methods described above are demonstrated in
the following. A full aircraft configuration is used as a test case in order to investigate

the suitability of the methods and approximations for an application with a realistic

degree of complexity.

The Flight Dynamics research group at KTH operates an instrumented two-seat

glider of the type ASK 21. A NASTRAN shell finite element model was created for

an earlier study [14] and validated by comparison to ground vibration test data [15].

Figure 3 shows the surface shell model, where colors indicate different composite

layup properties.

Elevator, rudder and ailerons are modeled as separate elastic bodies which are

connected to the remaining structure by means of multi-point constraints to simu-

late the hinge kinematics. The internal pushrod and cable actuation components are
modeled as concentrated inertias and rotational springs between reinforced attach-

ment points on the control surfaces and connection points on the spar (correspond-

ing to points A and B in Figure 2).

Results of a flutter analysis for the linear aircraft model are presented in a

velocity-damping plot in Figure 4. The first critical flutter mode appears at 90 m/s,

but this mode never reaches significant amplification factors over the considered

speed range. At 116 m/s, another mode becomes unstable, and this one shows
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Figure 3: NASTRAN shell model of the ASK 21.
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Figure 4: Damping plot for the linear aeroelastic model

quickly increasing amplification. Both speeds are however well outside the opera-
tional envelope of this aircraft.

The shapes of the two first critical aeroelastic eigenmodes are dominated by

vertical fuselage bending, which implies pitching of the T-tail, and elevator rotation.

Additionally, the flutter mode at 116 m/s contains a considerable participation of

the second wing bending mode and some elastic symmetric aileron torsion.

Measured nonlinear control system parameters for the flight test aircraft of the

research group are shown in Table 1. The rudder is actuated by two tensioned

counteracting cables, which leaves very little freeplay. Therefore, freeplay δf and

corresponding inertia defect Jf are neglected for rudder motion.

The critical flutter modeshape is dominated by vertical fuselage bending and

elevator rotation. Consequently, the parameters related to other control surfaces
have little effect, and the following investigations focus on elevator hinge friction
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elevator aileron rudder

k [Nm/rad] 10 17 3.75

Jf [kgm2] 0.0416 0.0336 -

Mc [Nm] 1.4 2.8 2.5

δf [deg] ≈ 0.3 ≈ 0.3 -

Table 1: Nominal control system parameters.

and freeplay.

Stability analysis

For the parameter map in Figure 5, non-dimensional friction and freeplay parameters

rc and rf were varied logarithmically for the elevator, and the lowest critical flutter

speed computed for each combination. For small rf approaching 1, i.e. control
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Figure 5: Flutter speed as a function of elevator friction and freeplay.

surface deflection amplitude near the freeplay limit, a steep reduction of the flutter

speed is observed. This suggests that there may be limit cycle oscillations within the

freeplay range at airspeeds from 50 to 90 m/s. Due to the assumption of vanishing

friction for motion inside the freeplay interval, the computed drop in flutter speed

is independent of the friction parameter. For this aircraft, the drop in flutter speed
associated with freeplay is caused by the mass defect effect modeled by the term (15),

and not by the stiffness drop (13), which is usually the primary concern in freeplay

modeling.

Furthermore, a significant increase in flutter speed is observed for values of

rc < 1, corresponding to elevator deflection amplitudes below 7 degrees for the
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measured friction moment and trim spring stiffness. This behavior is expected from

the aforementioned effect of friction stiffening, and is in principal beneficial as it

increases the flutter speed margin. Considering that hinge friction moments will

likely decrease in operation, it is important that flight flutter testing is performed

with sufficiently large excitation amplitudes in order to overcome the stabilizing
effect of friction.

The amplitude sweep shown in Figure 6 characterizes the dependence of flutter

speed on control surface deflection for the measured friction moment 1.4 Nm. For
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Figure 6: Amplitude dependence for nominal elevator friction.

small motion amplitude, the flutter speed due to friction reaches a maximum near

120 m/s, and then drops sharply for amplitudes approaching the freeplay limit. The

maximum is imposed when the first flutter mode is stabilized completely, so that

the second mode becomes critical. As shown in Figure 4, this mode features an

amplification which steeply increases with velocity. Therefore, additional damping

has only a minor impact on the critical speed.

Time-domain simulations

Laplace-domain stability analysis predicts a significant increase in flutter speed for

oscillations involving small control surface deflection amplitudes. However, the

first-order harmonic balance description of inertia defect and friction in particular

is a considerable simplification. Time-domain simulations are performed in order

to evaluate if the stability predictions obtained by means of the harmonic balance
method can be confirmed.

Figure 7 shows the evolution of the modal displacement y6 over time for a

flight speed of 110 m/s, both for the linear case without hinge friction and for

the measured friction moment of 1.4 Nm. All simulations are first run without

considering freeplay. The initial state for this simulation is the static aeroelastic
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Figure 7: Evolution of the critical modal coordinate for small initial disturbance.

equilibrium, disturbed by a displacement of the elevator by 2 degrees. As expected

from the linear stability analysis, the system without friction evolves into an unstable

oscillation with a time-to-double of approximately 3.2 seconds. The latter value

closely coincides with the amplification factor predicted by the p-k solution of (10).
While the stability analysis predicts unstable motion at 110 m/s even for small

values of hinge friction, the time evolution shown above indicates stability. The

difference can be explained by analysing the evolution of the elevator deflection

shown in Figure 8. Directly after the simulation is started, the elevator is rapidly
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Figure 8: Effect of friction on elevator deflection.

forced back towards its equilibrium position. As with most trailing edge control

surfaces, this motion is aerodynamically strongly damped, leading to a quite small

overshoot. The following few oscillations are of much smaller amplitude than the

initial disturbance, and therefore affected strongly even by small friction forces. In

this way, the rotational oscillation of the control surface decays quickly, so that the

original flutter modeshape is not excited. With an initial elevator deflection of 10

degrees from the equilibrium position, the time-domain simulation produces the

expected unstable flutter oscillation.
Considering the pronounced importance of the initial excitation magnitude, the

level of freeplay can certainly be an important factor. Simulations with freeplay

result in the time trajectories shown in Figure 9. Again, only the component y6,
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Figure 9: Freeplay effect on the evolution of y6.

which dominates the flutter modeshape, is presented, and the friction moment is

left at the measured value. With increasing freeplay margin, the amplification factor

grows considerably. Even a fairly small hinge freeplay of only 0.3◦ is sufficient to

overcome the effect damping provided by the friction moment, so that an unstable

oscillation is sustained.

Computational cost

All computations were performed on a Linux PC with two Intel Xeon 5160 proces-

sors. The computation of modal aerodynamic load matrices needed for the solution
of the Laplace-domain flutter problem required about 20 minutes, while the solution

of (16) for a range of 300 discrete velocities is completed in less than 20 seconds.

The parameter map shown in Figure 5 can be constructed from approximately one

thousand computations of the flutter boundary, which takes about 45 minutes to

complete on the same computer.

Time-domain analyses are more demanding, especially for cases with weak damp-

ing or a large band of eigenfrequencies, since this means that rather long flight times

must be resolved with small steps. For the example of the ASK 21, a typical simu-

lation of 5 seconds, or 35 periods of the critical mode, requires between 30 and 70

minutes for a mesh of 25 000 triangular surface elements.

Conclusions

Hinge friction affects the aeroelastic stability of manually controlled aircraft consid-

erably, even at the relatively moderate levels measured on the test aircraft. Friction

forces can damp small amplitude oscillations which otherwise would become un-

stable. Large amplitude motion, on the other hand, is not affected significantly,
because aerodynamic and inertial forces are much larger than friction effects in this

case.

The rather simple harmonic balance approximation can be used to obtain an

estimate of the effect of friction on flutter speed as a function of oscillation am-

plitude, expressed in terms of control surface deflections. Such an extension of the
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classical p-k flutter analysis is relatively straightforward, and the additional computa-

tional effort required to evaluate the amplitude dependence in the Laplace-domain is

small. However, the degree of simplification introduced with the harmonic balance

method leads to difficulties when interpreting its results, as the magnitude of an

initial disturbance (e.g. in flight flutter testing) can be much larger than the ensuing
oscillation, as shown by the results of time-domain simulations presented above.

Nevertheless, a stability analysis augmented with first-order harmonic balance

terms can still be useful to determine if a certain level of hinge friction could

have a significant impact on flutter speed. Time-domain computations can then be

performed for a few cases of interest, e.g. to evaluate if a certain control excitation

is sufficient to excite a friction-damped flutter motion. For subsonic, manually

controlled aircraft, potential flow methods can be employed to provide efficient and

usually sufficiently accurate time-domain results.
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die Flattergefährdung von Segelflugzeugen und kleinen Motorflugzeugen. Tech-

nical Report IB 151-74/6, 151-74/20 and 151-74/22, DFVLR e.V., Braunschweig,
October 1974. Part I-III.

[3] E. Breitbach. Effects of structural non-linearities on aircraft vibration and

flutter. Technical Report 78-665, AGARD, January 1978.

[4] European Aviation Safety Agency. CS-22, Certification specifications for sailplanes

and powered sailplanes, November 2003. Available at www.easa.eu.int.

[5] European Aviation Safety Agency. CS-23, Airworthiness codes for normal, util-

ity, aerobatic and commuter category aeroplanes., November 2003. Available at

www.easa.eu.int.

[6] J. Tang, E. H. Dowell, and L.N. Virgin. Limit cycle oscillations of an airfoil

with a control surface. Journal of Fluids and Structures, 12:839–858, 1998.

[7] L. Liu and E. H. Dowell. Harmonic balance approach for an airfoil with a

freeplay control surface. AIAA Journal, 43(4):802–815, April 2005.

15



[8] S. Cull and R. Tucker. On the modelling of Coulomb friction. J. Phys. A. Math.

Gen., 32:2103–2113, 1999.

[9] D. Eller. On an efficient method for time-domain computational aeroleastic-

ity. Technical Report TRITA/AVE 2006:1, AVE, Kungliga Tekniska Högskolan,
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