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Abstract

A straightforward procedure to predict bearing strength in bolted composite
structures has been developed. The method is based on a finite element
analysis, using structural elements, followed by a post-processing procedure.
Bolt-hole clearance, friction between member plates, fastener clamp-up and
fastener deformation is accounted for. Forces calculated in the FE-analysis
are converted into a local stress field which is used in an existing criterion to
predict fiber micro buckling in the most critically loaded lamina. Predictions
were compared with experiments which validated the method. The small
computational cost required by the procedure suggests that the method is
applicable on large scale structures and suitable to use in conjunction with
iterative schemes such as optimization and statistical investigations.
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1. Introduction

The present paper addresses the issue of designing effective multi-fastener,
single shear composite joints. Composite materials are used increasingly in
aircraft structures and bolted joints are weak spots that limit the overall
efficiency of the structure. Successful design of such joints requires predictive
capability regarding failure. Failure in composite joints is governed by the
local stress field and by the way the material reacts to these stresses. Thus,
prediction of failure implies that the local multi-axial stress field must be
determined first and then used in a suitable failure criterion.

Determining the local stress field in a multi-fastener, composite joint is
a complex task that has been attempted by several workers [1, 2, 3, 4, 5, 6]
using different techniques. Usually, a relatively coarse analysis is conducted
to calculate how the load is distributed among the fasteners, followed by a
more detailed analysis of critical fasteners. Some workers have used detailed
3D FE-analysis to conduct both the load distribution analysis and the failure
analysis. However, the coarse analysis techniques generally fail to take all
important parameters into account, e.g. bolt-hole clearance, friction and
fastener clamp-up, whereas the detailed methods are too computationally
expensive to be used in analysis of large scale structures or in optimization.
A method to calculate the load distribution for a general structure, and
accounting for the above parameters, was developed by Ekh and Schön [7].
The method did not include calculation of local stresses.

Assuming that the stresses are known, predicting failure requires detailed
knowledge of how the material responds to the stresses. The most important
macroscopic joint failure modes are bearing and net-section as illustrated in
Fig. 1.

Bearing failure is developed by the compressive forces acting between the
fastener and the hole surface. It is a crushing mode which involves several mi-
cro mechanical failure modes usually starting with matrix cracking followed
by buckling of destabilized fibers. As loading continues to increase, delam-
ination and formation of kink bands start to occur. Kink bands eventually
lead to shear cracks progressing from the center of the laminate towards the
surface at a 45◦ angle. Net-section failure is governed by the tensile forces
in the laminate and by the stress concentration created by the fastener hole.
A crack is initiated at the hole edge which is usually leading to a sudden
catastrophic failure of the joint.

Bearing failure is ductile and may be initiated at significantly lower load
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Figure 1: Schematic of macroscopic failure modes of composite joints.

levels than the brittle net-section mode. The ductile characteristic of the
bearing failure mode makes it the “preferred” failure mode over the net-
section mode and focus in the present work is on predicting bearing failure.

Several workers [8, 9, 10, 11, 12, 13] have attempted to predict bearing
failure in composite joints using various criteria related to either the Yamada-
Sun [14] criterion or the Tsai-Wu criterion [15]. All approaches have in
common that they assume the existence of a failure surface in the stress
space and that they do not distinguish between different micro mechanical
failure modes.

As described above, compressive failure in composite materials is gov-
erned by several micro mechanical failure mechanisms and formulation of
a failure criterion that includes all possible mechanisms is a rigorous task.
A more convenient strategy is to identify the dominating mechanism and
formulate a criterion, for that mechanism, in terms of the local stress field.

Several experimental investigations on bearing failure in typical aircraft
material systems have been conducted in order to determine the initial failure
mechanism as well as the mechanisms governing the progression of damage
in the material. The initial mechanism has been found to be either fiber mi-
cro buckling in 0◦-plies [16, 17] or delamination [18, 19], most likely between
0◦- and 90◦-plies, close to the laminate surface. In cases where delamination
was the initial mechanism, it was found that fiber micro buckling followed
shortly after delamination and that fiber micro buckling, rather than delam-
ination, caused the first irregularities in the load displacement curve. The
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effect of fracture toughness on failure initiation was investigated by Xiao and
Ishikawa [20] and it was found that in material systems with low fracture
toughness, the initial failure mode may be shifted from fiber micro buckling
to delamination. A similar investigation was conducted by Ye [21] where two
different epoxy resins were used with the same graphite fiber to make lami-
nates. Delamination onset was significantly delayed in the laminates based
on the epoxy resin with larger tensile strength and rupture elongation.

Based on the above, it was assumed in the present work that accurate
prediction of fiber micro buckling would be an important tool in the design
process of aircraft structures. If used with a suitable safety margin it would
yield a conservative prediction of the amount of load that could be submitted
to the structure without introducing any damages, regardless of whether the
initial failure mode is delamination or micro buckling for the material system
at hand.

Several workers have suggested criteria for fiber micro buckling. A 2D-
model of fibers embedded in a matrix was developed by Rosen [22], where
the fibers are assumed to buckle in the elastic foundation at the critical
compressive stress, σc, according to

σc =
Gm

1− vf
= G (1)

where vf the fiber volume fraction, Gm is the shear modulus of the matrix
and G is the shear modulus of the lamina. Rosen found that the model
overestimates the compressive strength for many materials. Two important
assumptions in the model are that the fibers are perfectly aligned in the
loading direction and that the matrix material is linear elastic. In reality,
a large number of fibers are misaligned and strains in the matrix material
exceeds the yield limit which implies that the plastic response is important.

Argon [23] developed an expression for compressive strength according
to,

σc =
τy
φ0

(2)

where τy is the plastic shear strength of the composite and φ0 is the orig-
inal angle of misalignment of the fibers. It was recognized that when the
compressive stress exceeded σc, a local instability in the form of a shear col-
lapse band, or kink band, developed. This expression considers plastic micro
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Figure 2: Definitions of angles and stresses.

buckling of the fibers as it involves the plastic shear strength instead of the
elastic shear modulus of the matrix.

Budiansky [24] generalized Eq. 2 in order to take into account the angle,
β, at which the kink band is inclined with the fiber direction, see Fig. 2,
according to

σc =
τy/G

φ0 + τy/G
(G+ Ezz tan

2 β) (3)

where Ezz is the transverse modulus of elasticity.
Further generalization was provided by Slaughter et. al. [25] such that a

multi-axial stress state was accounted for according to

σc =
ατy − τxz − σzz tan β

φ0 + φ
(4)

α =

√

1 +

(

σzzy

τy

)2

tan2 β (5)

where σzzy is the transverse yield strength and φ is the additional rotation
of fibers within the kink band.

In the present paper, a general methodology to predict fiber micro buck-
ling in composite joints is presented. The method accounts for all important
joint parameters, is computationally effective and can be used for large scale
structures, involving a large number of fasteners, and for optimization. This
is achieved by extending the structural modeling technique developed by Ekh
and Schön [7], such that the local stress field can be estimated, and applying
the fiber micro buckling criterion developed by Slaughter et. al. [25].
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The paper is outlined as follows: First, the structural modeling technique
is briefly reviewed and slightly modified. A post-processing procedure of the
output from the FE-model is then developed in order to estimate the local
stresses in the vicinity of the fastener holes. An experimental programme
is presented which includes measurements of the kink band inclination an-
gle and failure loads for several multi-fastener joints. This is followed by
an assessment of the developed methodology including comparison with ex-
periments and a discussion regarding some of the simplifying assumptions
used.

2. Calculation of stresses

2.1. Review of the structural modeling technique

A brief description of the modeling technique is given in this section. More
details can be found in [7]. The technique was developed for prediction of
load transfer in complex, multi-fastener joints, taking into account bolt-hole
clearance, bolt clamp-up and friction between member plates. The structure
is represented by structural finite elements (beams and shells) along the cen-
troids of the parts and by special purpose connector elements as illustrated
in Fig. 3(a). Connector elements are used for two purposes; to represent
the contact, including friction, between member plates and to implement the
bolt-hole clearance. The original version of the technique presented in [7]
utilized four connector elements to represent a single fastener, one at each
connection between the fastener and a member plate, and two to maintain
the separation between the member plates. In the present study, the latter
two has been replaced by a single connector, according to Fig. 3(b), in order
to simplify the model.

Bolt-hole clearance is implemented through a stopping mechanism fea-
tured by the connector elements. The nodes belonging to the plate and the
fastener, respectively, are allowed to separate a certain distance without re-
sistance. When the separation reaches this distance, the two nodes can no
longer move relative to each other. This is illustrated in Figure 3(b). The
same technique is used to maintain the separation between the two plates.
A connector element between points B and E in Figure 3(a) prevents the
plates from approaching each other. This generates a compressive force in the
connector which is used to represent the frictional force between the plates.

This modeling technique facilitates analysis of complex geometries where
bolt-hole clearance and fastener clamp-up can be represented individually
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Figure 3: Schematic description of FE-model of a single shear joint based on
structural and connector finite elements.

for each fastener. Thus, the effect of manufacturing tolerances in the holes
can be investigated as well as the effect of changing the fastener pattern
or the properties of individual fasteners. Good agreement with experiments
and detailed 3D continuum FE-models in terms of fastener load distribution
was obtained with this technique [7]. The model is used to calculate fastener
loads, N , fastener moments,M , as defined in Fig. 4(b), and fastener clamping
forces, fcl, to be used for estimation of the local stress field in the vicinity of
each fastener.

2.2. Estimation of the local stress field

The micro buckling criterion in Eq. 4 requires the stresses σxx, σzz and τxz
as input. This implies that the forces and moments calculated with the FE-
model must be converted into a multi-axial stress field at the contact interface
between the fastener and the hole surface. The following assumptions were
made in this process:

1. Radial strain in the laminate, at the contact interface, increases linearly
from the top surface to the faying surface of the plate. The fastener
is in contact with the plate over the entire thickness of the plate, i.e.
the strain is zero or larger at the top surface and reaches a maximum
value, ǫmax

r , at the faying surface, as illustrated in Fig. 4(a).

2. Radial strain in the laminate follows a cosine distribution [26] in the
tangential direction of the hole. Contact occurs for angles −π/2 ≤ θ ≤
π/2 throughout the thickness of the plate , as illustrated in Fig. 4(c).

3. The contact is frictionless in the circumferential direction, i.e. no shear
stress, τrθ, is generated by the contact between the fastener and the
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hole surface since this stress component is not needed in the buckling
criterion. However, the shear stress in the z-direction,τrz, is needed in
the criterion and thus the contact is not frictionless in that direction.

4. Individual plies are orthotropic and in a state of plane stress.

x

z

M

z0

ǫ
max

r

(a) Strain variation in the
thickness direction.

x

z

M

F

N

(b) Structural FE-model.

θ

(c) Strain variation in the
tangential direction.

Figure 4: Assumed strain distribution.

Thus, the radial strain is depending on the two coordinates z and θ and
can be expressed as

ǫr = ǫmax
r f(z)g(θ) = ǫmax

r

(

1−
z + h/2

z0 + h/2

)

cos θ (6)

where z0 and ǫmax
r are defined in Fig. 4(a). Maximum strain, ǫmax

r , occurs at
the faying surface in the bearing plane, i.e. for z = −h/2 and θ = 0, and
the coordinate z0 on the z-axis determines the slope of the strain variation
in the z-direction. Determining the strain distribution becomes a matter of
determining the parameters z0 and ǫmax

r . This is done based on the moment
and force equilibrium in the x-direction. The x- and y-components of the
strain are

ǫx = ǫr cos θ (7)

ǫy = ǫr sin θ (8)

and the longitudinal stress, σxx, is expressed according to Hook’s law for an
orthotropic material under plane stress as

σxx =
Exǫx

1− νxyνyx
+

νyxExǫy
1− νxyνyx

(9)
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where Ex is the modulus of elasticity in the x-direction and (νxy, νyx) are
the Poisson’s ratio in the x- and y-directions, associated with the individual
lamina.

Off-axis material properties can be expressed in their corresponding on-
axis properties [27] according to

1

Ex

=
cos4 θ

EL

+
sin4 θ

ET

+
1

4

(

1

GLT

−
2νLT
EL

)

sin2 2θ (10)

1

Ey

=
sin4 θ

EL

+
cos4 θ

ET

+
1

4

(

1

GLT

−
2νLT
EL

)

sin2 2θ (11)

νxy
Ex

=
νLT
EL

−
1

4

(

1

EL

+
2νLT
EL

+
1

ET

−
1

GLT

)

sin2 2θ (12)

νyx
Ey

=
νTL

ET

−
1

4

(

1

EL

+
2νLT
EL

+
1

ET

−
1

GLT

)

sin2 2θ (13)

where subscripts L and T denotes the longitudinal and transverse material
direction, respectively.

Thus, the above modulus of elasticity and Poisson’s ratios for each lamina
in a symmetric quasi-isotropic laminate with stacking sequence [±45/0/90]4s
are obtained from using Eqs. 10-13 in

θ = π/2 ±4it 6 |z| 6 ±(4i+ 1)t (14)

θ = 0 ±(4i+ 1)t 6 |z| 6 ±(4i+ 2)t (15)

θ = −π/4 ±(4i+ 2)t 6 |z| 6 ±(4i+ 3)t (16)

θ = π/4 ±(4i+ 3)t 6 |z| 6 ±4(i+ 1)t (17)

where t is the lamina thickness and i = 1 . . . 4.
Eqs. 6-17 determine the variation of the longitudinal component σxx of

the bolt-hole contact stress in the thickness and tangential directions. Equi-
librium with respect to force and moment acting on the fastener as illustrated
in Fig. 4(b) yields

N =

∫ π
2

−
π
2

∫ h
2

−
h
2

σxx(z, θ)
d

2
dzdθ (18)

M =

∫ π
2

−
π
2

∫ h
2

−
h
2

σxx(z, θ)
d

2
zdzdθ (19)
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where N is the bolt load, M is the moment generated by the uneven contact
stress, h is the thickness of the laminate and d is the diameter of the fastener.
The force, N , and moment, M , are calculated with the structural FE-model
and are thus regarded as known quantities which implies that parameters z0
and ǫmax

r can be calculated from Eqs. 18-19.
Using Eqs. 6-9 in Eq. 18 and 19 yields the following expressions for the

equilibrium,

N =
ǫmax
r d

2(1− νxyνyx)

∫ π
2

−
π
2

∫ h
2

−
h
2

[

Ex

(

1−
z + h/2

z0 + h/2

)

(

cos2 θ + νyx cos θ sin θ
)

]

dzdθ

(20)

M =
ǫmax
r d

2(1− νxyνyx)

∫ π
2

−
π
2

∫ h
2

−
h
2

[

Ex

(

1−
z + h/2

z0 + h/2

)

(

cos2 θ + νyx cos θ sin θ
)

]

zdzdθ

(21)

where Ex is given in Eqs. 14 to 17 on the preceding page. The integrals that
need to be evaluated in (20) and (21) are on the form

I1 =

∫ π
2

−
π
2

cos2 θdθ = c1 =
π

2
(22)

I2 =

∫ h
2

−
h
2

E(z)dz = c2 (23)

I3 =

∫ h
2

−
h
2

E(z)zdz = c3 (24)

I4 =

∫ h
2

−
h
2

E(z)z2dz = c4 (25)

I5 =

∫ π
2

−
π
2

sin θ cos θdθ = 0 (26)
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and are evaluated by recognizing that cos2 θ = 1

2
(1 + cos 2θ) and by using

Eq. 14 to 17 on page 9. This gives the two equations

N =
πǫmax

r d

2(1− νxyνyx)

{

c2
2
−

c3
2(z0 + h/2)

−
hc2

4(z0 + h/2)

}

(27)

M =
πǫmax

r d

2(1− νxyνyx)

{

c3
2
−

c4
2(z0 + h/2)

−
hc3

4(z0 + h/2)

}

(28)

from which z0 and ǫmax
r can be extracted according to

z0 =
Nc4 −Mc3
Nc3 −Mc2

(29)

ǫmax
r =

4N(1− νxyνyx)

dπ
(

c2z0−c3
z0+h/2

) . (30)

When z0 and ǫmax
r are known, the contact stress distribution is determined

and it is possible to calculate the longitudinal force reacted by each individual
lamina. Of particular interest is the load taken by the first 0-layer, counting
from the faying surface of the joint, which is given by

N0 =
E0ǫ

max
r d

2(1− νxyνyx)

∫ π
2

−
π
2

∫

−
h
2
+3t

−
h
2
+2t

(

1−
z + h/2

z0 + h/2

)

cos2 θdzdθ (31)

where the term νyx cos θ sin θ in Eq. 20 has been disregarded since it eval-
uates to zero according to Eq. 26. This lamina is the most severely loaded in
terms of bearing load and it is assumed that failure initiation will occur in
the bearing plane, i.e. for θ = 0, in this lamina. The radial contact stress, σr,
is assumed to follow the same cosine distribution as the strains (see Eq. 6),
thus

σr = σmax
xx cos θ (32)

where σmax
xx is the stress in the bearing plane. Further, it is expected that

the variation of the stress through the thickness of the lamina is small and
by neglecting this variation, σr denotes the average stress over the lamina
thickness. Taking the longitudinal component, σxx, of σr according to σxx =
σr cos θ and expressing the longitudinal force equilibrium for the lamina yields

N0 =

∫ π
2

−
π
2

σr cos(θ)t
d

2
dθ =

σmax
xx td

2

∫ π
2

−
π
2

cos2 θdθ =
σmax
xx πtd

4
(33)
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where t is the lamina thickness. Recalling that N0 is a known quantity given
by Eq. 31 implies that the bearing stress, σmax

xx , can be expressed as

σmax
xx =

4N0

πtd
. (34)

The transverse shear stress, τxz, can be estimated by making the conser-
vative assumption that the frictional force between the fastener and the hole
surface is fully developed. This yields

τxz = µσmax
xx (35)

where µ is the coefficient of friction between the fastener and the plate. A
simple model is adopted to obtain an approximative value of the transverse
stresses caused by the pressure between the washer and the plate. At each
fastener, the compressive force carried by the connector element that main-
tains the separation of the plates is divided by the area of the washer, i.e.

σzz =
fcl
aw

(36)

where fcl and aw are the clamping force and the washer area, respectively.
The above relations have been implemented in the numerical environment

Octave [28] such that the stresses σmax
xx , σzz and τxz can be calculated based

on the results from the structural FE-model.

3. Experimental programme

The experimental programme was conducted in order to measure the kink
band inclination angle, β, to be used as input to the fiber micro buckling
criterion, and to find the load at which failure was initiated in various joint
configurations. Testing involved single fastener double lap specimens and
various multi-fastener, single lap configurations.

3.1. Material system

All specimens utilized composite member plates of the carbon-epoxy pre-
preg material system AS4/8552 with stacking sequence [±45/0/90]4s and
aluminium plates of quality AA7475-T76. The fastener system consisted
of titanium bolts, alloy steel nuts and stainless steel washers. All elastic
properties are tabulated in Table 1. The coefficient of friction between the

12



Table 1: Elastic properties of materials and their constituents.

E11 E22 E33 G12 G13 G23 ν12 ν13 ν32
[GPa] [GPa] [GPa] [GPa] [GPa] [GPa] - - -

Fiber 238 - - 22 - - 0.2 - -
Matrix 3.3 - - 1.2 - - 0.35 - -
Lamina 140 10 10 5.2 5.2 3.9 0.3 0.3 0.5
Laminate 54.25 54.25 10 20.72 4.55 4.55 0.309 0.332 0.332
Aluminium 71 - - - - - 0.31 - -
Titanium 110 - - - - - 0.29 - -
Steel 210 - - - - - 0.30 - -

composite and aluminium plates used in the present work was measured by
Schön [29] to be 0.235.

In addition to the elastic properties in Table 1 and the kink band inclina-
tion angle, β, the failure criterion requires the transverse yield stress, σTy

, the
plastic shear strength, τy, and the fiber misalignment angle of the material.
Transverse yield stress and plastic shear strength for the present material
system are specified by the manufacturer to be 81 MPa and 114 MPa, re-
spectively. Fiber misalignment is divided into an initial angle, φ0, caused by
an imperfect manufacturing procedure, and an additional angle, φ, generated
by the applied loading. However, the two angles can be treated as a single
critical misalignment angle, φc, at which failure occurs. Uniaxial, longitu-
dinal compressive strength, σ0, is specified by the manufacturer to be 1531
MPa which can be used in Eq 2 to estimate φc, provided that φ0 is replaced
by φc. The resulting critical fiber misalignment, φc, was approximately 4.3◦

which was used in subsequent analyses.

3.2. Kink band inclination angle

Kink band inclination angle is considered to be a material property and
has previously [30] been found to be 10−30◦ for many materials. According to
Eq. 4, compressive strength is reduced for smaller values of β, provided that
σzz is compressive, and thus it is important to estimate a lower bound for β
for the material system at hand. Three double lap (Alu.-comp.-Alu.), single
fastener specimens were tested in quasi static tension, to different load levels,
and then sectioned along the bearing plane and studied in a microscope.
Bearing damages for the three specimens are presented in Fig. 5.
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(a) Joint loaded to 23 kN. (b) Joint loaded to 26 kN. (c) Joint loaded to 29 kN.

Figure 5: Bearing damages in double lap specimens subjected to different levels
of tension loading.

It can be seen that severe damage has developed already at 23 kN. Shear
cracks through single laminas occur at several locations and delamination
between the outermost 0◦- and 90◦-plies has started. At 26 kN, the lamina
shear cracks have merged into larger cracks that propagates from the center
of the laminate towards the surfaces in approximately a 45◦ angle. Since
the laminate surfaces are clamped by the Aluminium plates (single fastener
torqued with 6 Nm), the laminate is still capable of carrying an increasing
load which generates a second set of shear cracks that progresses from the
center to the surfaces of the laminate as shown in Fig. 5(c). This stage-by-
stage process is characteristic for clamped laminates [16].

Kink band inclination angles are studied most conveniently in the speci-
men subjected to 23 kN tension load. A single, 0◦-ply kink band is illustrated
in Fig. 6.

Figure 6: Close-up of kink band in a 0◦-ply.
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Several inclination angles of kink bands developed in 0◦-plies appeared to
be between 10◦ and 15◦ and the smallest angle found was approximately 8◦.
This value was selected to represent a lower bound to be used in the micro
buckling criterion.

3.3. Joint failure loads

Several multi-fastener, single lap joint configurations were tested quasi
statically in tension in order to generate results for comparison with failure
predictions. The baseline joint, referred to as joint number 1, is illustrated
in Fig. 7 and the complete test matrix is presented in Table 2.

Composite

Aluminium

1 2 3 4

(a)

24 32 32 32

24

140 40

Tab

(b)

Figure 7: Baseline joint geometry.

Table 2: Varied parameters in the experimental programme.

Joint Torque Row Sp. Length Al.-thi. Bolt Diam. Nr of
[nr] [Nm] [mm] [mm] [mm] Type [mm] Specs

1 6 32 376 8 P.H. 4×6 4
2 0 32 376 8 P.H. 4×6 3
3 6 32 376 4 P.H. 4×6 3
4 6, 14 32 376 8 P.H. 3×6, 1×8 3
5 6, 14 32 376 8 P.H. 2×6, 2×8 3
6 6, 14 32 376 8 P.H. 1×6, 3×8 3
7 14 32 376 8 P.H. 4×8 3

total 22

Configurations 2 and 3 are generated by removing the fastener torque or
reducing the thickness of the aluminium plate, respectively. In configurations
4-7, the 6 mm fasteners were replaced by an increasing number of 8 mm
fasteners, starting with bolt number 1 in configuration 4, bolts 1 and 2 in
configuration 5 and bolts 1-3 in configuration 6. Configuration 7 used 8 mm
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fasteners exclusively. The 6 mm and 8 mm fasteners were torqued with 6 Nm
and 14 Nm, respectively. Bolt numbers are taken from Fig. 7. The thickness
of the composite plate is 4.16 mm in all specimens.

Deviations from nominal values regarding hole diameters and positions
are bound to exist. Some of the joints used in the present study were exam-
ined in detail [31] in this respect by means of a coordinate measurement ma-
chine. It was found that hole sizes were different in the composite compared
to the aluminium and that the holes were not perfectly aligned. Average hole
sizes for the two materials and the average fastener diameters are shown in
Table 3.

Table 3: Mean values of measured diameters

Nominal [mm] Alu. [mm] Comp. [mm] Bolt [mm]

6 6.042 6.006 5.985
8 8.044 8.001 7.985

It was found that variations of hole diameters in both materials were
small. This was also the case for the fasteners which implies that at each 6
mm fastener there exist an effective clearance between [0 < δ < 58µm]. The
same range in clearance was found in the joints with 8 mm fasteners.

Based on the discussion in Section 1 and on the results presented in Fig. 5
it is assumed that the initial failure events are fiber kinking of single lam-
inas, possibly preceeded by matrix cracking and micro buckling of a small
number of fibers. The failure criterion, Eq. 4, is applied to the average stress
field acting over the thickness of the 0◦-ply closest to the faying surface of
the joint, which is the most critically loaded lamina in a single shear lap
joint. Thus, the prediction of failure corresponds to the development of a
kink band in the bearing plane of this lamina. However, the criterion is two
dimensional, as it deals only with the stresses occuring in the bearing plane,
and little can be said about the extension of the kink band in the width
direction of the lamina. The contact stresses between the fastener and the
hole surface decreases with the tangential distance from the bearing plane
according to Eq. 32. Thus, the amount of damage caused by the developed
kink band may be rather limited and is likely to generate a small, sudden,
stiffness drop in the load displacement curve which is quickly regained due to
redistribution of the contact stresses. The ability to detect such small, tem-
porary stiffness drops depends on the cross bar speed of the testing machine
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and the sampling frequency of the data acquisition system. In the present
work, cross bar speed and sampling frequency were set to 0.1 mm/min and 50
Hz, respectively, which corresponds to 3× 104 samples/mm. This enabled a
careful examination of the load displacement curves, in which it was possible
to detect the stiffness drops, as illustrated in Fig. 8.
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Figure 8: Close-up of sudden stiffness drop assumed to be caused by fiber micro
buckling.

The first stiffness drop occuring in each curve is interpreted as the initial
failure event, i.e. fiber micro buckling in the 0◦-ply closest to the faying
surface.

4. Results and discussion

The results section is divided in two parts. First, a comparison between
predictions and measurements regarding failure load is made. After this
follows a discussion about some of the simplifying assumptions that are made
in the model together with some suggestions for improvements.

4.1. Comparison with experiments

In order to make meaningful comparisons between predicted and exper-
imental results, it is necessary to account for friction between the fastener
and hole surface as it generates transverse shear stresses, τxz, which affect
the failure load according to Eq. 4. The coefficient of friction in this contact
interface has not been determined experimentally, but can be expected to be
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small as the fasteners are coated with a solid film lubricant. However, since
the pressure between fastener and hole surface is large, large shear stresses
may develop even for a small coefficient of friction. In particular, with the
conservative assumption that the shear stresses are given by Eq. 35, the coef-
ficient of friction may have a strong impact on the predicted failure load. In
order to specify a coefficient of friction that generates relevant shear stresses
in Eq. 35, results from a previous investigation [7] on joint configuration 1,
regarding bolt hole clearances, were used. Detailed measurements of hole
sizes and hole locations revealed that the initial clearance at the two outer
fasteners (bolts 1 and 4 in Fig. 7(a)) was 22µ and that the clearance at
the two inner fasteners (bolts 2 and 3 in Fig. 7(a)) was close to zero. The
smallest failure load found in the present investigation for this joint configu-
ration is 39.5 kN. Using this value, in conjunction with the above clearances,
enables the calculation of a coefficient of friction that causes agreement be-
tween experimental and predicted failure loads. This value was found to be
µ = 5.61 × 10−3 and should not be regarded as a true coefficient of friction
but instead as a value that generates relevant shear stresses when used in
Eq. 35. As the smallest found failure load is used in the calculation, this
value can be considered to be conservative and it is used in all subsequent
simulations.

Experimental and predicted failure loads for all joints are presented in
Fig. 9. The experimental values corresponds to the first irregularity in the
load displacement curve according to the discussion in Section 3.3. Since
several specimens of each joint configuration were tested, failure loads are
presented in terms of average, minimum and maximum loads. It can be
seen that variations among specimens within a specific joint configuration
can be large which implies that the number of tested specimens may be
too small to ensure that the average value is representative for the joint.
Nevertheless, some trends were identified and the experiments still provide
important information for the validation of the model.

Predicted loads are presented in terms of nominal, minimum and maxi-
mum values. Nominal values correspond to failure loads calculated with zero
bolt hole clearance, δ, while minimum and maximum values correspond to
combinations of clearances [0 < δi < 58µm] resulting in the smallest and
largest failure load, respectively. The subscript i refers to the fastener num-
ber according to Fig. 7(a). In all cases, the minimum value was generated by
assuming maximum clearance at fasteners 1-3 and zero at fastener 4. The
opposite situation, i.e. maximum clearance at fastener 4 and zero clearance
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Figure 9: Experimental and predicted failure loads. Experiments are presented
in terms of average, minimum and maximum values. Corresponding
predictions refer to nominal (no bolt-hole clearance), minimum and
maximum values.

at the other fasteners resulted in the maximum load in most cases. In some
cases, this combination of clearances implied that failure occurred at fastener
1 instead of 4, and thus the maximum load was achieved by introducing a
small clearance at fastener 1 in addition to the maximum clearance at fas-
tener 4. Below follows comparisons for each joint configuration. Predicted
failure load for joint 1 is conservative as expected due to that the coefficient of
friction between fasteners and hole surfaces in the model is calculated based
on the smallest experimental failure load. It can be seen that the difference
between maximum and minimum failure load is similar in the experiments
and the predictions. Joint 2 has finger tightened fasteners and thus only a
small amount of load is transferred by friction between the plates. This is
reflected by a reduction of failure load, similar in magnitude, in both the
experiments and the predictions. The reduced thickness of the aluminium
plate in joint 3 increases the predicted failure load but appears to reduce the
experimental values. The increase in predicted load can be explained by the
increased out-of-plane deformation, referred to as secondary bending, which
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follows from the reduced stiffness of the joint. This makes the fastener more
aligned with the hole surface and thus increases the contact area between
the fastener and the hole surface [32]. This mechanism is represented in the
present model by the parameter z0 in Fig. 4(a). A larger z0 is predicted for
joint 3 compared to joint 1, which indicates a more uniform distribution of
the contact stress and hence a larger failure load. The slight reduction in
average experimental failure load is not logical and is probably due to testing
too few specimens to obtain an accurate mean value for the load.

Regarding joints 4-7, some discrepancy between the experimental and
numerical results was found. The numerical results appears to be more logical
and will be discussed first. It was found that the failure load increases when
the 6 mm fasteners are replaced by highly torqued 8 mm fasteners. Several
mechanisms contribute to generate this behavior. The increased clamping
load causes more load to be transferred through friction between the plates,
which reliefs the fasteners of some load. Also, using larger fasteners in holes
1-3 shifts some load from the critical fastener 4 to the other fasteners due to
their increased stiffness. However, increasing the load carried by a specific
fastener mainly reduces the amount of load carried by adjacent fasteners.
Fasteners further away are left virtually unaffected. This explains why the
introduction of 8 mm fasteners in position 1 (joint 4) and in positions 1-2
(joint 5) only have a small effect on the joint failure load, which is determined
by the conditions at bolt 4. In joint 6, an 8 mm fastener is used also in
position 3, leading to an increase in the load carried by this fastener, which
is reflected by a decreased load carried by the adjacent fastener 4 and thus an
increased failure load. Replacing also the critical fastener 4, and thus utilize
only 8 mm fasteners, increases the failure load significantly. This is due to
the increased contact area between the critical fastener and the hole surface
and to the increased clamping of the material.

The experimental results clearly indicates that too few specimens were
tested as the results fluctuated in a non physical manner. From Fig. 9 it
can be seen that the variation in experimental failure load, within a specific
joint configuration, increases as the applied torque on the fastener increases,
i.e. variations are small for the finger tightened configuration (joint 2), larger
for the torqued joints (joint 1) and even larger for joints 4-7 where highly
torqued 8 mm fasteners were used. This could partly be explained by the
fact that only a small portion of the applied torque actually contributes
to the clamping force in the fastener. Most of the torque is absorbed in
the process of overcoming the friction between the nut and the washer and
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between the nut and the threads on the fastener. This implies that small
variations in conditions on these surfaces could have a large impact on the
resulting clamping force in the fastener, which in turn have a large influence
on the fiber micro buckling failure mode.

From the comparisons between the experimental and the predicted failure
loads it can be concluded that all predictions appeared to be logical and
physically sound. The conservative calibration of the model in terms of a
fictitious coefficient of friction between the fasteners and the hole surfaces,
implied that the nominal predictions (no clearance) resulted in failure loads
close to or below the minimum experimental values. However, it was found
that too few specimens were tested in order to determine the distribution of
the failure load for a specific joint configuration. This was especially true for
joints with large torque applied to the fasteners as the experimental scatter
was increased with increased torque.

4.2. Simplifying assumptions

A number of simplifying assumptions regarding stresses, strains and mate-
rial properties were made in order to establish the failure prediction method-
ology presented in this paper. Below follows a brief discussion about some
of these assumptions and their validity.

The assumptions that strains in the composite material vary linearly in
the thickness direction, and follows a cosine distribution in the tangential
direction, at the contact interface between the fastener and the hole surface
are essential to the procedure of calculating the local stress field. Variation
of strain through the laminate thickness in single lap joints has been inves-
tigated previously. The three-dimensional continuum finite-element method
was used by Ireman [1] to calculate the radial strains at the contact interface
for single fastener, perfect fit joints. It was found that the strains increased
approximately linearly with the distance from the top surface of the laminate.
At a distance from the top surface corresponding to approximately 75% of the
laminate thickness, the strain distribution started to deviate from the linear
behavior and increase at a greater rate. Thus, the strain variation through
the thickness could be approximated by a bi-linear function or possibly by a
second order polynomial. Increasing the fastener diameter generated a more
uniform strain distribution but still with the same bi-linear or second order
characteristics. This suggests that the strain distribution is depending on
the fastener compliance such that the nonlinearity becomes stronger when
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the fastener is deformed, i.e. the strain distribution becomes more nonuni-
form when the applied load increases. Similar analyses and results regarding
the strain variation through the thickness were presented by McCarthy and
McCarthy [3].

Several authors have addressed the issue of the contact strain distribu-
tion in the tangential direction. The conforming contact problem between
the fastener and the slightly oversized hole is highly nonlinear as the con-
tact area increases with increasing load. This problem can be solved with
analytical and numerical methods [33, 34, 3]. A simpler approach suggested
by Waszak and Cruse [26] is to assume a cosine distribution of the strains
as indicated in Fig. 4(c). This assumed strain distribution has been used by
other workers [35, 36] with good results. Obviously, if larger clearances oc-
curs the assumption is no longer valid as the strains will be increased due to
the reduced contact area. This was clearly demonstrated by several authors
[33, 34, 3].

However, it is believed that the assumptions made regarding the strain
distribution, maintain a fair balance between accuracy on one hand, and
complexity and computational cost on the other hand. It must be recog-
nized though that increased clearances and fastener deformations are likely
to decrease the accuracy of the model. Future improvements may include
more sophisticated procedures to obtain the strain distribution which im-
plies that f(z) and g(φ) in Eq. 6 should be changed accordingly.

Further, it is assumed in the present model that the contact between the
fastener and the hole surface is frictionless in the tangential direction. This is
a conservative assumption as the tangential stress would have a longitudinal
component which would have reduced the longitudinal component of the
normal stress.

A severe limitation in the present model is the inability to accurately
calculate the shear stresses, τxz, in the contact interface between the fastener
and the hole surface. Relative movement between the two contacting surfaces
in the transverse direction is determined by the transverse displacements of
the fastener and the hole surface and by the frictional forces in the interface.
The contact may be in a sticking or a slipping state which implies that the
shear stress at the surface can be expressed as

τxz = fµσxx (37)

where 0 ≤ f ≤ 1. The slipping state corresponds to f = 1 which was used
in the present model. However, the contact may be in a sticking state which
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would imply that the shear stresses are overestimated in Eq. 37. In the above
simulations this problem was circumvented by using a nonrealistic coefficient
of friction which made the predictions agree with the experiments in a specific
well controlled case. Using a more realistic coefficient of friction of µ = 0, 05
in joint configuration 1 and varying f from zero to one, demonstrates the
importance of predicting τxz accurately as a large impact on the predicted
failure load was found according to Fig. 10(a).
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Figure 10: Influence of f and clamping.

Similarly, the calculation of the compressive stress, σzz, in the transverse
direction due to torquing the fastener is simple and not accurate. It is as-
sumed that the stress is uniform under the washer in both the tangential
and the thickness direction which is not the case. The variation of σzz may
be complicated in both directions, especially at fasteners 1 and 4 due to the
severe secondary bending. However, the influence of clamping force on the
predicted failure load appears to be realistic. It is illustrated in Fig. 10(b)
where it can be seen that the predicted failure load increases linearly with
increasing clamping force. The compressive stress σzz is built up from a solu-
tion dependent component and the applied torque. The solution dependent
component is determined by the geometry of the joint, i.e. by the eccentric
load path and the amount of secondary bending, and may be large. Thus,
increasing the torque level may only have a limited impact on the predicted
failure load. However, it is likely that a complete removal of the compres-
sive stress, i.e. assuming a pin-loaded plate, would significantly reduce the
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predicted failure load.
More accurate prediction of τxz and σzz are required to improve the ac-

curacy of the model, but this is beyond the scope of the present work.
The effect of fiber misalignment, at the initiation of failure, is illustrated

in Fig. 11(a). Fiber misalignment appears to be of great importance and the
simple procedure adopted in this work to estimate it may be insufficient. An
experimental method to measure the distribution of the fiber misalignment
was developed by Yurgartis [37]. The method is based on sectioning the lam-
ina at a small angle off the fiber direction and measure the major axis of each
elliptical fiber cross section. The magnitude of the major axis of a particular
fiber cross section can be related to the orientation of the fiber relative to
the sectioning plane and thereby also to the nominal fiber direction. It is
suggested [37] that the procedure should be supported by an image analysis
software to automatically measure all elliptical cross sections and calculate
the distribution of the fiber misalignment angle. Thus, it seems possible to
accurately determine the initial fiber misalignment for any composite mate-
rial which can improve the accuracy of the strength predictions.

Regarding the kink band angle, β, it appears to be less important com-
pared to the misalignment angle according to Fig. 11(b). The relation be-
tween β and predicted failure load is approximately linear with a moderate
slope.
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5. Summary & Conclusions

A simple, effective and scalable method to predict the bearing strength of
composite joints has been suggested. The method accounts for all important
factors such as bolt-hole clearance, friction, fastener clamp-up and fastener
deformation. A straight forward structural FE-analysis is providing input to
a post-processing procedure in which the failure analysis is conducted. This
general, computationally effective approach opens the possibility to analyze
large scale structures and to incorporate iterative schemes such as optimiza-
tion and statistical investigations regarding bolt-hole clearances and effects
of the complete failure of certain fasteners.

The presented method agrees well with experiments and provides a ba-
sis for further development. In particular, more accurate estimation of the
transverse shear stress at the contact interface between the fastener and the
hole surface is required in order to improve the accuracy.
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